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Abstract

Offshore wind turbines (OWTs) are complex and dynamic sensitive structures. Although
very similar to their onshore counterparts, they are usually bigger to resist the hardship of
offshore conditions and the environment. These structures can be supported by different
sub-structures, where the monopile foundation is the most popular. However, as cur-
rent OWTs and corresponding foundations increase in size with the desire of having more
cost-efficient solutions in the energy industry, there are concerns that current design meth-
ods are not applicable. This is corroborated by the increasing number of investigations
and studies that present significant differences between the predicted structure behaviour
and measured response. It is then important to accurately predict the foundation stiffness,
both for future design phases and for the reassessment of existing foundations, by avoid-
ing resonance regions. The amount of uncertainties surrounding the foundation and sub-
structure design is the main difficulty in performing a correct design process that includes
all significant factors. These uncertainties make it impossible to have very precise simula-
tion results with simplified models (as even with complex models there is a certain error),
as it is unknown which factors have more weight in stabilizing the structure and that may
change with time. A rigorous procedure may be employed using a Finite Element Anal-
ysis, but it also requires higher computational times and foundation properties from tests
that are also expensive. For complex structures, as an OWT, numerical solutions have to
be developed. A number of limitations arise from the numerical approach, where experi-
mental modal analysis is able to validate and improve such an approach. Based on these
considerations, a simple model is developed using a single Timoshenko p-version finite
element. This developed model allowed a study on the stiffness gain through different
soil modelling formulation proposals, where an emphasis on natural frequency prediction
was performed. The best-presented proposal assured an error inside a 5% bandwidth in
relation to the measured fundamental natural frequency on four distinct full-scale test-
ing situations identified through an Operational Modal Analysis process. Nevertheless,
to safely design a wind turbine, sufficient damping in the entire structure is important to
decrease fatigue damage accumulation during the service life of the wind turbine. Damp-
ing source formulations were then considered and its influence on the estimated natural
frequency was observed.

Keywords: Offshore Wind Turbine; Soil-Structure Interaction; Modal analysis; Small-strain
soil stiffness
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Resumo

As turbinas edlicas offshore s@o estruturas complexas e dinamicamente sensiveis. Ape-
sar de serem muito semelhantes as suas contrapartes (onshore), sdo usualmente maiores
para resistirem as dificuldades inerentes do ambiente maritimo. Estas estruturas podem
ser suportadas por diferentes sub-estruturas, onde a fundacao monopilar € a mais popular.
Contudo, com o aumento do tamanho das turbinas edlicas e suas funda¢des a medida que
cresce o desejo de solugdes mais eficientes em termos de custo na inddstria energética,
preocupacdes existem que os métodos de projeto atuais nao sejam aplicaveis. Tal € cor-
roborado pelo aumento de investigacOes e estudos que apresentam diferencas entre os
comportamentos previstos e observados destas estruturas. E, entdo, importante prever de
forma precisa a rigidez da fundacao, seja para as fases futuras de projeto destas estruturas,
seja para a reavaliacdo das estruturas existentes, evitando regidoes de resonancia. As in-
certezas que rodeiam o projeto da fundagao e sub-estrutura sdo a principal dificuldade em
realizar um processo correto de projeto que inclua todos os fatores significantes. Estas
incertezas impossibilitam a aquisicao de resultados muito precisos com modelos simpli-
ficados (dado que mesmo com modelos complexos existe um certo erro), dado que ndo é
certo que fatores terdo mais peso na estabilizacdo da estrutura e que poderao mudar com
o tempo. Um processo rigoroso pode ser elaborado utilizando uma andlise de elementos
finitos, mas tal requereria elevados tempos computacionais e variadas propriedades sobre
a fundacao de testes que sdo também caros. Para estruturas complexas como as turbinas
edlicas offshore, solucdes numéricas sao necessdrias. A utilizacdo de uma abordagem
numérica tem limita¢des, sendo necessdrio andlises modais experimentais para validar
e melhorar estas abordagens. Com base nestas consideragdes, um modelo simples foi
desenvolvido usando um unico elemento finito de Timoshenko e de versao p. Este mod-
elo permitiu o estudo de ganho de rigidez com as diferentes propostas de formulacdo de
modelar o solo, onde o foco se centrou na estimag¢do das frequéncias naturais. A melhor
proposta apresentada assegurou um erro dentro de uma banda de 5% de erro em relacao
a frequéncia natural fundamental medida em quatro casos distintos de teste em grande
escala por via de uma analise modal operacional. Contudo, para projetar de forma segura
uma turbina edlica, amortecimento suficiente deverd existir para diminuir a acumulacao
de danos devido a fadiga durante a vida de servigo da turbina. Consequentemente, foram
consideradas formulacdes para modelar as diferentes fontes de amortecimento, sendo ob-
servada a influéncia que estas t€ém na frequéncia natural estimada.

Palavras-Chave: Turbina edlica offshore; Interagdo solo-estrutura; Andlise modal; Rigidez do solo
em pequenas deformacoes
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Chapter 1

Introduction

1.1. General introduction

Offshore wind turbines (OWT) have a great prospect of evolution, since offshore sites
have an increased proportion of wind energy capacity, as winds are stronger (higher wind
speeds) and more stable (lower turbulence) than their onshore counterparts, as well as
lower visual pollution. However, the construction and installation of offshore wind tur-
bines are more difficult, from a logistic and engineering point of view, due to its intrinsi-
cally demanding characteristics [1-3].

The increased popularity of OWT is leading to further pushes in maximizing energy
production and cost reduction. A direct consequence of these objectives is the OWT size
increase and consequent advances in aerodynamics and structural integrity of the blades,
to achieve an optimal design and operation of the wind turbines, reducing maintenance
costs. Other factors such as correct maintenance strategies, increasing reliability, reduc-
tion of costs associated with installation, and improving supply chain integration are all
steps to further reduce the total levelised cost of energy (LCoE) and improve the overall
performance of the OWT. Fig. 1.1 presents the typical costs involved in OWT projects.
The reduction in the overall cost of producing a given amount of energy translates to a
lower price of the energy provided and an increase in the demand for this type of energy
source [3, 4].

The marine environment that surrounds the offshore wind facilities makes them more
complex from a design, installation, and operation point of view. An important remark
should be made to the fact that optimizing foundation design has a significant potential for
even further cost reductions, as, according to Asim et al. [3], the turbine itself costs less
than 25% of the overall cost of installation. However, as the OWT is installed further away
from shore, reducing the installation costs is a difficult process. It requires a deep analysis
of the type of foundation used. The viability of wind farms depends on the development
of efficient solutions to a variety of technical and design issues/challenges [5, 6].

A monopile foundation is the predominant technology used in offshore wind farms
currently in operation, contemplating more than 70% of the installed support structures,
due to its ease of construction in shallow to medium water depths (up to 30 meters). Dif-
ferent geologies/soil layers pierced by the monopile lead to different design considerations
and varying length, wall thickness, and diameter. Currently, monopiles are expected to

1
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Fig. 1.1. OWT projects typical costs [3].

have outer diameters between four (4) and eight (8) meters, with penetrating lengths up to
40 meters. As such, it’s common that the length-diameter ratio of a monopile supporting
an OWT is less than six (6). It is important to note that as OWTs increase in size, so will
the foundation dimensions. The monopile foundation is usually installed from impact
driving, but other installation methods exist [1, 3, 7-10].

The characteristic loads for the design of wind turbines are commonly taken from
time-domain aeroelastic response simulations. The design is mainly driven by extreme
load cases that have origin from wind and wave loading. As fatigue damage is sensitive to
the modal properties of the structure, an increase in the accuracy of the analysis tools used
can improve reliability. This increase in reliability leads to a more cost-efficient design,
as a less conservative approach can be used [11, 12].

During the OWT service life, besides the wind turbine itself, the foundation is sub-
jected to millions of cycles of loading. As OWT are slender structures, these may operate,
due to environmental (wind and wave) and mechanical loads, at frequencies close to their
natural frequencies. As such, since these structures are flexible, they are especially dy-
namically sensitive in terms of their natural frequencies/dynamic loading. The design
of offshore wind turbines currently passes through a design of soft-stiff, where there is
a tight tolerance for the fundamental natural frequency of the structure when designing
the system. A soft-stiff design is a design that tries to situate the fundamental natural
frequency of an OWT between the 1P and 2/3P frequencies of a given wind turbine [1,
13].

Since OWT are relatively new structure, very few decent/detailed long-term perfor-
mance records are available. This means that the design process that is made for 20+
years does not have a real-life comparison/validation. Yet, the accumulated rotation and
stiffness change under long-term cyclic loading must be predicted when designing the
OWT and its foundation [9, 14].

The monopile foundation is a fixed support structure, which means that the OWT is
supported by the seabed. This makes the foundation design and analysis more complex,
as it is important to investigate the soil-structure interaction (SSI). Damgaard et al. [15]
observed that the consideration of a clamped OWT at a mudline leads to an overesti-
mation of the natural frequencies of the structure while considering the common oil and

2



gas practices regarding the interaction between a pile and the soil would lead to an un-
derestimation. As such, other factors not portrayed in the common practices should be
considered to justify this matter, pointing out the importance of the SSI when assessing
the modal properties of the structure [13, 16].

Scour is a phenomenon that is linked to the removal of soil around the foundation of
a structure, such as monopile foundations for OWTs. The occurrence of scouring leads to
a reduction in foundation ultimate capacity and adjacent soil stiffness, altering the OWT
dynamic response. Scour can then shift the fundamental frequency of the OWT into a
range where resonance may occur. This showcases the importance of predicting not only
the foundation behaviour due to a given excitation on the wind turbine but also due to other
geological phenomenons that occur and may influence the structure response. If scour is
significant, scour protection should be designed to protect the structure’s foundation [17—
19].

Standards require proper modal properties assessment and estimation but do not present
a recommendation in that regard. Effects such as scour, soil permeability, soil non-linear
behaviour, cyclic loading, the interaction between two adjacent layers of soil, and marine
growth might alter the modal properties of the foundation on a SSI model analysis. Al-
though all these factors might have a relevant influence, the vast majority are associated
with a high degree of uncertainty and/or are not well-understood [1, 20-23].

The most common industry approach to SSI analysis comes from the oil and gas stan-
dard and it has been shown that this is inaccurate when applying to monopile foundations
used in the OWTs. The development of a simple yet accurate approach that replaces this
standard 1s needed for the offshore wind industry, with several modifications being pub-
lished that try to account for the differences between the piles from these two industries.
A more accurate approach will allow further cost reductions [4, 24].

FEM analysis is a possibility to guarantee simulation accuracy if all properties that
influence the system’s mass, stiffness and damping are known. However, this method is
very time-consuming, requiring considerable resources to run. For this reason only, as
projects have tight time schedules from a commercial point of view, the method is over-
looked when faced with other more simple yet less accurate approaches in regular design
routines. The most common model approach consists of a beam on a Winkler foundation.
This model is computationally efficient and versatile, allowing non-linear springs to be
considered discretely throughout the pile length. Other modelling approaches exist, such
as the super-element approach, where the whole foundation is replaced as equivalent ma-
trices of mass, stiffness and damping. Both these methods allow the incorporation of the
SSI using a simplified method [24-26].

According to Versteijlen et al. [27], the initial stiffness of the springs that represent
the soil reaction for small strain has a big influence on the natural frequencies of an OWT,
as it will be the small strain stiffness that defines the modal properties of the support
structure. In the majority of the endured vibrations, the OWT is also expected to be in a
linear range of the soil response, i.e., the soil response will be linear throughout most of
the OWT service life.

The correct estimation of the modal properties of the structure is important, as the
natural frequencies allow the designer to understand if resonance occurs and the damping
ratio defines the amplitude of vibrations when resonance happens. The fatigue damage is



the main design parameter influenced by the modal properties, as even a small change in
the considered global stiffness and damping of the system can lead to significant changes
in this parameter. Currently, the parameters associated with the foundation coming from
SSI models present some degree of uncertainty, while being one of the main influence fac-
tors in terms of overall damping and stiffness of the OWT system. A correct estimation of
these properties can allow for less conservative designs, reducing the quantity of material
needed for a given OWT and thus reducing costs. This is the main drive to develop cost
efficient models to predict the structure characteristics and response. [4, 13, 23, 28].

Fig. 1.2 presents the common differences obtained in real-life situations, as reported
in the work of Damgaard et al. [15], between the measured and calculated fundamental
frequencies of OWTs. The necessity of an improved approach to the SSI to diminish
the error seen between measured and predicted natural frequencies of OWTs requires the
conception of new formulations regarding soil stiffness. Soil stiffness formulation is the
main parameter of uncertainty related to the determination of OWTs natural frequencies.
It has been repeatably documented that soil stiffness depends not only on the soil itself
but also on the embedded structure properties. Since the common formulations used for
slender piles in the oil and gas industry provide significant errors due to not accounting
for the embedded structure properties, an effort should be made to include this.
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Fig. 1.2. Comparison between measured and calculated undamped fundamental frequencies of
different OWTs [15].

1.2. Objectives

The present work intends to formulate a SSI model that can account for different soil
influences on the structure and correct current used formulations. As best case scenarios
only include a bandwidth error for different soil strata of between 7% and 15% (as seen in
different literature), a formulation that can guarantee a smaller bandwidth error is desired.

Since multi-body and modal-based widely used models require considerable computa-
tional costs, to facilitate the study and formulation proposals assessment, a simpler model
is set to be developed. This simpler model should be considerable faster but without com-
promising the obtained results by having low accuracy. As such, this developed model
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should assure that it can provide values within a 2% bandwidth error to controlled and
baseline tests when compared with other validated and more complex models.

At the same time, exposure to the different factors that can influence the SSI char-
acteristics, thus influencing the predicted modal properties of the system is desired. The
reunion of this information in one place can then help further research and modelling
development in this regard. Likewise, an assessment of currently used formulations for
damping is attempted, as damping on these kinds of problems is only identified by back-
calculating.

1.3. Thesis Layout

This thesis is composed of four main sections: a general introduction to OWTs and their
design process (Chapter 2), a literature review on SSI modelling and influences that affect
the modal properties of the studied system (Chapter 3), development of a simpler model
that allows an easier approach on the study of SSI modelling (Chapter 4), and presentation
and comparison of proposed formulations with experimental data from full-scale testing
(Chapter 5). The present work focuses on the SSI modelling of an OWT with a monopile
foundation, where a modelling approach based on the Winkler method was defined. Due
to confidentiality agreements, no explicit results on the full-scale testing will be presented
(only errors relative to the experiment’s fundamental natural frequency will be presented).
Special emphasis on the natural frequencies will be given, as damping influences very
little on the natural frequencies obtained and measured.

As a model will be developed, two different models will then be used for results com-
parison: a newly developed model by the author of the current work and a well-validated
model used in Vestas (’benchmark model” from now on). The ground-up developed model
aims to be a simple approach to the OWT problem, where one Timoshenko beam element
with varying geometry and properties is considered. This simple model will have multi
degrees of freedom, defined by the degree of the shape functions used since a p-version
finite element will be considered. After the first process of validation with analytical so-
lutions, this model will also be subjected to a calibration process. Generic cases were
considered for the analytical validation processes defined. Data regarding a set of differ-
ent OWTs was consulted and the calibration process was performed comparing with the
predicted results from the benchmark model. The well-validated model allows focusing
on the influence of the soil, as the rest of the structure is considered to be well validated
with full-scale experiments and measurements. However, as it is a computational costly
model, it is inefficient to perform different soil stiffness formulations and first-degree op-
timization on it. Consequently, the simple model developed allows bigger flexibility in
this regard. A damping sensitivity study on the developed model is also performed to
assess if any damping source has a big impact on the estimated natural frequencies. The
development and validation are exposed throughout Chapter 4.

Full-scale testing was performed to identify the natural frequencies of a set of dif-
ferent OWTs embedded in different soil strata. The modal properties identification was
performed by an Operational Modal Analysis process. The variety of testing on different
soil conditions allows the validation of the assumed soil stiffness formulation, where dis-
tinct influencing coefficients and parameters can be modified. Verdicts are then elaborated
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regarding the formulations considered and what modifications can still be performed. Var-
ious influencing factors can be included, but not all will, as there is a lack of correlation
that can directly link them to the soil stiffness. This study is performed throughout Chap-
ter 5.



Chapter 2
Offshore Wind Turbines

Horizontal axis wind turbines are vastly preferred and common over vertical axis wind
turbines in the offshore wind industry due to higher capabilities of wind harnessing, af-
fordable prices with size escalation, and well-established technology. The main differ-
ence between onshore and offshore wind turbines lies in the way the wind turbines are
supported. The OWT can be supported as a fixed-bottom or as a floating structure. The
fixed-bottom support structure has a foundation fixed to the seabed while floating support
structures consist of floating platforms connected to the seabed through mooring cables.
Besides the design of the OWT structure (tower with the rotor and nacelle assembly),
other elements should be considered and designed in parallel, such as scour protection
(depending on the water depth) and foundation (selecting the type most adequate for each
case and designing it) [3].

2.1. Structure

An offshore wind turbine (OWT) can be divided into different parts: the Rotor and Nacelle
Assembly (RNA) and the support structure (which includes the tower, substructure, and
foundation). The foundation will be the part of the support structure that is below the
mudline/sea ground level. Fig. 2.1 presents the mentioned division of an OWT system.
Another way to see an OWT is to divide it using what it has in common with onshore
wind turbines, i.e., wind turbine (RNA and tower) and foundation structure (substructure
and foundation) [29].

2.1.1 Wind turbine

A wind turbine is essentially composed of a RNA and a tower. The RNA is mounted on
top of the tower and it includes the aerodynamic rotor (rotor and blades), the transmission
system, and the generator. The aerodynamic rotor usually has three blades linked to the
rotor. The transmission system connects the rotor to the generator allowing a reduction.
The transmission system can then be seen as a gearbox. However, although wind turbines
regularly contain a gearbox, some do not. Wind turbines that do not have a gearbox are
called direct-drive turbines. This depends on the generator installed at the wind turbine.
The generator is responsible for the transformation of the mechanical power coming from
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Fig. 2.1. OWT system division [29].

the rotating rotor to electrical power that supplies a power grid. Other components such
as control systems and grid connections are also installed at the RNA [1].

It is common practice that the tower diameter and thickness vary with its length. Both
of these dimensions decrease in the direction of the tower top, i.e., the outer diameter
and thickness at the bottom of the wind turbine will be significantly bigger than at the
top of the wind turbine. In a simplified analysis, these variations are regarded as linear.
In reality, the tapered section of the tower will have an outer diameter that indeed varies
linearly with height but will have sections of constant thickness. These regions of constant
thickness come from the manufacturing process of the towers, where a rolling process of
a metal sheet can be used [1, 30].

To mitigate vibrations, some towers are installed with damping mechanisms. These
devices can take different forms but usually consist of a mass pendulum system. These
systems are employed to further decrease dynamic loads applied to the structure, as sig-
nificant vibrations can exist [31].

2.1.2 Sub-structure and Foundation

Different foundation type sub-structures can be considered. Besides floating sub-structures
(that will be briefly introduced), monopod, tripod, jacket, and gravity base foundations
should be considered during a design phase of a given OWT. Hybrid solutions can also
be contemplated. According to the OWT location (soil and water depth) and environ-
mental characteristics, some solutions can be more advantageous than others. However,
currently, as technology developments allow, the monopod sub-structure is the popular
choice when designing an OWT. The applicability of these sub-structures with increasing
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water depth can be seen in Fig. 2.2. This sub-section will give a rough overview of the
existing types of sub-structures for OWTs [29, 32].

Grounded systems: Floating systems:

Water depth: <30m 30-m >60m

Fig. 2.2. OWT sub-structure types: (A) suction caisson, (B) Gravity base, (C)
monopile/monopod, (D) tripod on suction caisson, (E) jacket, (F) tension leg platform, and (G)
spar buoy platform [1].

Wave and wind loading generate a significant overturning moment in the foundation.
Pile foundations are regularly selected as a foundation for offshore wind turbines since
other types of foundations face difficulties to resist this moment. Water depth has a sig-
nificant weight on the foundation type selection, as different foundations can be more
adequate to use or more cost-efficient solutions to employ. Scour is also a phenomenon to
take into consideration when selecting the foundation type, as it occurs for shallow water
depths, raising the question of if scour protection should be implemented. Note that, as
it will be mentioned in future chapters, scour influences significantly the stiffness of the
soil and the fundamental natural frequency of the system [32, 33].

The monopile foundation is a fixed-bottom foundation that consists of a large tube-
like structure. This support structure is embedded into the seabed through impact driving
and/or drilling. These are regularly installed for water depths up to around 30 meters.
This is the most common type of foundation used in the offshore wind industry as it is
simple to construct and assemble [3, 34].

On monopile foundations, vertical loads are transferred to the surrounding soil through
shaft friction and tip resistance. These will generate an axial shear across the length of the
monopile. With respect to lateral loads, monopiles transfer them by bending, with the soil
reacting to this motion in opposite direction. As it consists of a single structure, a certain
degree of flexibility is noted when compared with other types of foundation [2, 26, 34].

A jacket foundation consists of a set of three or four piles embedded into the seabed.
This support structure consists of a space frame structure made of welded tubular mem-
bers. The legs (embedded piles) are usually inclined to increase stability. This foundation
can then be considerably stiffer than the monopile foundation, and is more viable, for that
reason, for water depths bigger than 30 meters. Nevertheless, vertical piles allow an easier
installation. Different installation processes to those used in monopile installation can be
used [3, 6, 35].

The suction caisson foundation has a simple installation procedure than the monopile
foundation, as this last one requires a considerable amount of equipment. Its installa-
tion however may be complicated as some suction caisson have valves to allow the sub-
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structure to sink into the soil. This means that these valves need to be operated undersea,
requiring robots or divers [6].

Gravity-based structures (GBS) are a type of shallow foundations. This foundation
can only be used for shallow water depths, as they are held in place by their weight.
Installing this type of foundation for deep water depths is not feasible, as loads will be
higher and a heavier, as well as more expensive, structure would be necessary. Concrete
is the common selected material for this kind of foundation, as a large volume and high
weight are requirements. Nevertheless, steel can also be used for this support structure
[36].

A GBS will transfer the loading that it is subjected directly to the soil, in opposition
to what is observed for pile-type foundations, where the support structure deflects before
transferring the loading to the surrounding soil. As they are shallow installed support
structures, a high vulnerability to scour and sinking exists [36].

Fixed-bottom hybrid support structures are also being investigated as a possibility of
increasing the foundation stiffness while decreasing costs. Trojnar [37] investigated a hy-
brid foundation system composed of a footing plate resting on the ground and a vertical
monopile embedded in the subsoil. Although small-scale results showed greater lateral
stiffness when employing this kind of foundation, there is no knowledge of interest in
implementing, for now, this foundation alternative in full-scale. The concept allows a re-
duction of lateral displacements and a decrease in the bending moment that the monopile
is subjected to. The soil reaction is also modified with the application of this hybrid
fixed-bottom foundation.

From a given water depth (around 60 meters), fixed-bottom support structures become
substantially expensive and commercially not viable solutions. As such, for increased wa-
ter depths, floating support structures are employed. However, currently, the technology
is not fully developed to successfully implement this kind of foundation at a large scale in
the offshore wind industry. Different floating structures may be selected, such as tension
leg, spar buoy, or semi-submersible support structures [3].

The tension leg support structure consists of three or four mooring cables that connect
the floating structure to the seabed. The main difference between this foundation and the
rest of the existing floating foundations is the fact that the mooring cables are in tension,
providing static support to the OWT. As the substructure increases in this foundation, the
tension cables are subjected to larger tensions and thus they are required to get bigger,
elevating the costs of installation [3].

The spar buoy support structure consists on a tower-like structure filled with ballast
and connected to the seabed through mooring cables. These mooring cables allow the
substructure to navigate within a given circle. As such, they are bigger in length than the
ones needed for the tension leg type foundation (around 4 times). Their stability under
extreme weather conditions is an ongoing research [3].

The semi-submersible support structure consists of attaching buoyant structures to
the main substructure. This foundation can have different configurations. Varying the
buoyancy of the semi-submersible structures, static stability can be achieved, with the
floating substructure being connected to the seabed through mooring cables. Likewise,
this foundation has the freedom to navigate within a given circle, as in the case of the spar
buoy type foundation [3].
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Regarding the freedom to navigate within a given circle, the mooring cables used
should be flexible enough to compensate for the movement of the floating platform (big-
ger cables in length). However, this is an important characteristic of these floating foun-
dations, as it avoids extreme wind loads at the blades of the OWTs, protecting them from
potentially structurally damaging loads [3].

2.2. Design Considerations

The design of OWTs has two fronts: the wind turbine design (very similar to onshore
and offshore wind turbines) and the foundation design. This is a complex task, as it
separates the design of a given structure into multiple joint structures. The main difference
between onshore and offshore design is the level of foundation influence on the wind
turbine design, as well as the introduction of wave loading on the structure. However, both
share the same base principle: the rotor thrust due to a given wind load deflects the tower.
This deflection does not occur only in the wind direction application, as vibrations in the
fore-aft (rotor alignment direction) and side-to-side (perpendicular direction to the rotor
alignment) directions exist. The overall bending moment applied on the tower, related to
a variety of loads and dynamic effects (such as the rotation of the blades around the rotor
axis), then leads to a complex dynamic response of the tower [3, 23, 28].

The loading acting on OWTs is a combination of different static and dynamic loads.
High importance is given to the prediction of the natural frequencies and damping of
the general system, as this is what will drive the design to avoid resonance frequency
ranges and maximum expected load amplification for different load cases considered in
the certification of a given OWT. A set of limit states criteria must be confirmed in the
design process to ensure that the OWT will not fail. For example, the wind turbine cannot
operate when a permanent rotation of more than 0.5° is in order. Different standards and
recommendations rule the OWTs design [14].

Floating OWTs are much more complex structures from a design point of view. Since
these OWTs have moving platforms, intense wave loading changes the kinematic con-
ditions of blades. As such, besides the different wave interaction with the structure and
different load applications in that regard, also the wind loading will be different, as it is
applied on the blades in a different way with a constant variation of kinematic conditions.
This design process will not be broached here [3].

The present section will focus on the OWT design considering a monopile as the
support structure. The broached topics can, however, generally speaking, be applied to
other support structures, as there are several design points in common.

2.2.1 Offshore Wind turbine design

The electrical generation driver in a wind turbine is wind. The wind is the relative move-
ment of air and it can be characterised according to its average wind speed at hub height.
Characterisation regarding a 50-year recurrence period of extreme wind conditions can
also be performed for a given location. This wind characterisation will then allow the
categorisation of a wind turbine into a respective class. This will be the certification class
for the wind turbine [1, 38].
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Usually, a wind turbine is designed for 20+ years of operation, corresponding to al-
most 108 cycles of loading. The OWT design main drive is a set of extreme/ultimate loads
acting on the structure. Fatigue loads are also accounted for during the design. Still, for
the correct wind turbine design and certification, a series of design load cases (DLC) have
to be run. These load cases include situations of normal operation over short and long pe-
riods of time, extreme operating conditions and combined situations to include in fatigue
analyses. In a nutshell, the standard IEC 61400-3 (standard that rules the fixed-bottom off-
shore wind turbine design process) gives a series of DLCs to be computed and analysed
in order to simulate all load cases possibilities that a wind turbine will face throughout its
lifespan. The OWT should then be able to withstand all inputted conditions [13, 14].

Aeroelastic simulation models are commonly used to account for the complex inter-
actions of the wind turbine’s blades with the acting wind aerodynamic loads. Incom-
pressible Navier-Stokes equations are used to run the computational simulations. Blade
Element Moment Theory (BEM) is regularly used to study the aeroelastic phenomena in
the blades. In this theory, the resultant aerodynamic force applied to the rotor is given as
the sum of each blade element’s thrust force component. Different resultant forces will
exist in the fore-aft and side-side directions [3, 39].

An OWT is subjected to a set of different dynamic loads. These are wind, waves,
water currents, and vibrations from rotor and blades induced loads. The main external
loads considered have origins in wind and wave loading. The applied loads on a wind
turbine (either onshore or offshore) can be divided into more common types [1, 32, 40]:

* Steady loads, associated with a mean wind acting load and inertial/gravity loads;

Stochastic loads, associated with wind speed variations, i.e., turbulence;

* Resonance-induced loads, mainly associated with matching frequencies between
the excitation and the structure, but also due to turbulence;

Transient loads, associated with loading changes and controller performed alter-
ations, such as gusts and starting/stopping operations;

Cyclic loads, associated with wind shear, gravity or gyroscopic effects, and yaw
motion.

As these loads occur at low frequencies and being wind turbines slender and flexible
structures, in this range, wind turbines are dynamically sensitive. The wind turbine per-
formance will then be improved by minimising unwanted loads and maximising the power
output [32, 40].

Aasen et al. [4] state that vertical loads are significantly smaller than horizontal loads
and bending moments. As such, and as seen in the vast literature, the vertical loads are
normally disregarded for simplicity’s sake. As such, pitch and surge motions are the ones
that influence more the performance of the wind turbine. This is supported by Asim et al.
[3] and Achmus et al. [41].

Wave and wind loading are accounted for in simulations as wave and wind probability
distributions. The Weibull distribution is widely used as the wind probability distribution.
With the design life and wind probability distribution, it is possible to account for the
number of hours (time) that a given wind turbine will be subjected to a given wind speed.
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A correlation between this time and the respective producing power at the considered
wind speed is performed by knowing the power curve of the wind turbine. The lifetime
production power of a given wind turbine at a specific location can then be estimated.
According to Myers et al. [42], operational conditions are wind-dominated, while extreme
conditions are wave-dominated. This difference results in different loading frequency
spectra [1, 13].

Wave loading appears as an excitation that introduces relevant oscillation and accel-
erations to the structure. This type of loading has an excitation frequency close to the
fundamental frequency of the wind turbine. This leads to dynamic amplification of loads,
which affects the service life of a wind turbine through its fatigue damage [28].

Wind loading drives the rotor of the wind turbine, allowing the generation of electrical
power through its rotation. Besides being important to establish reliability for continuous
power generation, it is fundamental to understand how the air will behave around the wind
turbine, especially the blades. The aerodynamic performance and inherent air interaction
with the structure should be studied and understood. For example, vortices may occur at
the blade’s tip, influencing the aerodynamic forces and moments [3].

As an increasing height is considered, a phenomenon known as wind shear occurs.
Wind shear consists of an exponential increase of the wind speed with height. The wind
speed at a given height 4 will be given by Eq. 2.1, where o will be a wind shear exponent.
Fig. 2.3 presents the normalised evolution of wind speed with height for wind with an
exponent of 0.15. Furthermore, the wind can act on the wind turbine from different angles.
There might be up-flow and misalignment angles that lead to different load cases and
responses. Fig. 2.4 allows visualization of those angles.

h o
V(h) = Vi - < ) 2.1)

b

Wind load cases are then studied usually from extreme load conditions. These are
associated with sudden wind gusts. Besides extreme wind load magnitude, extreme di-
rection changes are also studied. An important characteristic of the wind, as a fluid, is the
turbulence intensity linked to it. The turbulence intensity can state the wind speed varia-
tion within a given time frame. Turbulence is important for relatively short time analyses
(up to 10 minutes). As the time frame considered increases (hours and days), other wind
factors gain importance. Used for wind modelling, the standard deviation and turbulence
intensity can be acquired through Eqs. 2.2 and 2.3, respectively. On Eq. 2.2, the b param-
eter is usually taken as 5.6 m/s. A general wind field/profile acting on a wind turbine can
be visualised in Fig. 2.5 [43].

O1 = lrer (0.75V}up + b) 2.2)
(9]
1= (2.3)
Viub

An associated aerodynamic loading consists of the aerodynamic force generated by
a blade when passing ahead of the tower. A surging motion can appear and influence
wind turbine aerodynamics. With smaller surging amplitudes (and frequencies), a greater
stability in power generation and oscillation mitigation is obtained [3].
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Fig. 2.5. General example of a wind field applied to a wind turbine [44].

To understand the aerodynamic loading, it is necessary to understand how a wind
turbine operates. As airflow passes through the wind turbine’s blades, an aerodynamic
torque is generated and is then transformed into electrical power through a generator. The
potential power that lies on the airflow, however, is not fully conversed into electrical
power. Putting aside the generator and other components’ efficiency, the transformation
of the air potential power into aerodynamic power is limited by a theoretical limit known
as the Betz limit. This theoretical limit can be achieved by considering the wind turbine
rotor as a permeable disc and performing a 1D aerodynamic analysis. As the wind turbine
will have more complex phenomena occurring at the blades, the actual power coefficient
(that relates the air potential power with the harvested power at the rotor) will always be
less than the Betz limit. The Betz limit corresponds to a power coefficient of around 0.59.
The power at the rotor due to the generated aerodynamic torque will be given by Eq. 2.4

[1]:
1
P=3 PV 1AC). (2.4)

To be able to account for the aerodynamics forces that act on the wind turbine’s blades,
it is normal to use the Blade Element Momentum (BEM) theory. Its base consists of
the general beam element moment approach. BEM then considers a 2D approach to
the flow that passes through a wind turbine’s blade, where the blade is divided into n
annular elements. Fig. 2.6 represents the basic notation used on a blade section. From
the represented angles and quantities, special emphasis goes to the steady attack angle oy
and the steady inflow angle ¢g, where 0 will be the direction of vibration. Knowing the
rotor rotation speed of the blade and the wind speed it is possible to define a tip speed
ratio. The tip speed ratio is important to define how much faster the tip of the blade will
be rotating than the rotor centre. There will also be a combination of an optimum value
of the tip speed ratio in junction with an optimum value of pitch angle that leads to the
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highest power coefficient [45].

rotor plane

Fig. 2.6. BEM relevant angles [45].

As the airflow passes through a given blade, a high-pressure region is created on the
lower part of this component, while a low-pressure region exists on top. These pressure
contributions generate a lift force, making the rotor move. At the same time, a drag force
will exist. These loads, observable in Fig. 2.6, vary in terms of the wind speed that passes
through the blade as well as on its angle of attack. The drag and lift forces are forces that
are aligned with the blades’ referential. By projecting these forces onto the rotor plane,
it is possible to quantify the thrust force and aerodynamic torque applied to the rotor. All
the mentioned loads are given by Eqs. 2.5 to 2.8 [44]:

1
Fi = 3G/ paV ina; (2.5)
1
Fp = 5G4 paViyina®; (2:6)
FT = FLCOS¢() —|—FD sin(])(); (27)
M_ero = (Fpcos g — Fpsindy) - - (2.8)

Another question regarding wind loading relies on the installation of wind turbines in
wind farms. The installation of wind farms can increase wind turbine performance, as
downstream turbines can extract energy from vortical flows from upstream turbines. This
means that a clear advantage exists in having several wind turbines as opposed to only
one. However, if turbines are too close to one another, a turbine will be located within the
wake of another one, degrading its performance. A proper analysis is required to avoid
this problem. Computational techniques are frequently used to study these effects [3].

Ice accretion and sliding is also a factor that influences the aerodynamic performance
of the wind turbine. This phenomenon affects negatively the power generation capacity
and increases the loading on the structure. The degradation in power generation is linked
to ice accumulation at the edge of a blade. To fully include this effect on aeroelastic
simulations, further complex computational models are required. Ice breaking can also
induce vibrations with frequencies close to the natural frequencies of the structure. This
is an issue only relevant for cold regions, where ice formation can occur [3, 15].

An offshore wind turbine can be designed based on three different configurations,
regarding the necessity of avoiding the resonance frequency ranges. Fig. 2.7 presents
these three configurations in a frequency domain. These are [1]:
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Fig. 2.7. Ranges of excitation, generally speaking, for an OWT in frequency domain [46].

These configurations are defined considering a set of frequency ranges that charac-
terise the wind turbine in terms of rotational frequency. The rotational frequency, com-
monly known as 1P, defines a lower bound of the operation frequency of the turbine. The
blade passing frequency depends on how many blades the wind turbine has. Considering
a 3-bladed wind turbine, this frequency is known as 3P and is nothing more than 3 times
the 1P frequency. This frequency defines the upper bound of the operation frequency of
the turbine. As the wind and wave frequencies, the 1P and 3P frequencies are the main
excitation frequencies [30].

The soft-soft structure is a structure that has its fundamental frequency below the 1P
frequency range. As the forcing frequencies originated from wind and wave loading are
also below this range, this configuration is not used for OWTs.

The soft-stiff structure is a structure that has its fundamental frequency comprehended
between the 1P frequency range and the 3P frequency range. This interval is rather small
and high precision when designing the structure is required to avoid resonance. In some
particular cases, resonance does occur. However, this is the configuration that is regularly
employed in the design of wind turbines.

The stiff-stiff structure is a structure that has its fundamental frequency above the 3P
frequency range. Although theoretically ideal, it’s a difficult configuration to achieve, as
both the foundation and the structure itself would have to behave as a stiff body. The
amount of material needed to have a stiff structure leads to an exaggerated expensive
structure. Besides, as the offshore wind industry tendency is to increase in size, with larger
blades and towers, as well as greater masses, the rotation frequency and fundamental
frequency of the structure are expected to decrease [15].
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The DNV GL-ST-0126 [47] states that, for soft-stiff designs, an absolute relative dif-
ference between excitation and natural frequencies above 5% should be verified. Older
references stated a relative difference above 10%. These differences are important to
avoid the fundamental frequency from entering a resonance frequency range. Controller
solutions can be employed to mitigate vibrations if this case cannot be avoided [1, 30, 48].

To correctly design a wind turbine, high accuracy natural frequency predictions are
needed. The predicted fundamental natural frequency of the structure leads the design
process, influencing the foundation type and overall dimensions selected. However, the
natural frequencies do not depend exclusively on the support structure geometry, depend-
ing also (and importantly) on the surrounding soil characteristics. The soil-structure in-
teraction drives the obtained foundation stiffness which is important for the determination

of the natural frequencies of the wind turbine. More on this subject will be broached in
Chapter 3.

2.2.2 Foundation design

As an overall guide, the support structure design goal is to guarantee a stable founda-
tion, where cost minimization is important. This corresponds to mass minimization while
assuring that a large number of design constraints are respected, from design criteria to
manufacturing and installation. Currently, the design criteria lead to significant conser-
vatism, which means that a given portion of the support structure is not required. It is
important to note that this conservatism does not result only from a safety point of view
but also from uncertainties in how the soil will behave in long term [42].

It is important to note that offshore foundations must be able to support taller and
thus heavier structures, as well as bigger forces and overturning moments than the on-
shore foundations. This makes the foundation design for OWTs a greater challenge than
for their onshore counterparts. A precise prediction of both the bearing capacity of the
soil and the foundation stiffness is required for a correct and cost-efficient design, as well
as to guarantee that the OWT remains operational and stable during its service life. A
relation between the embedded depth of the foundation and its stiffness and bearing ca-
pacity exists, as shorter piles will fail earlier than longer piles embedded in the same soil.
Monopiles must be designed as to minimise their thickness, but sufficiently large to ensure
no yielding takes place [4, 6, 48, 49].

To guarantee that the foundation will support the upper structure and remain stable for
the operation of the wind turbine, a set of limit states should be verified. These different
limit states verify if the wind turbine will not fail due to soil failure, structure failure,
or serviceability failure (conditions that do not allow the wind turbine operation). The
geotechnical design comprises three main limit states [24, 40, 46]:

e Ultimate Limit State (ULS) design - it consists of assessing the foundation capacity;
typically, extreme load events with preceding cyclic load histories are admitted.
This limit state guarantees that the foundation does not collapse due to axial and
lateral loads in an extreme case. The ULS can be seen as a lateral displacement at
the pile head that corresponds to 10% of the pile diameter.

* Fatigue Limit State (FLS) design - it consists of assessing the foundation stiffness
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and damping for operational and extreme load events. These modal properties are
then used in structural eigenmode analysis.

 Serviceability Limit State (SLS) - it consists of assessing the peak and accumu-
lated deformations and rotations of the OWTs foundation, considering extreme and
cyclic loads. This limit state mainly restricts the accumulated permanent rotation,
where 0.5° is the maximum allowable head rotation at the seabed under extreme
conditions. If 0.25° is assumed as coming from installation tolerances, then the
actual and usual allowable limit for head rotation is 0.25°.

Myers et al. [42] in their work stated that by concluding if a given design is strength or
stiffness control-oriented, i.e., what is the property that is restricting the design, different
considerations can be taken that further help in saving material and mass in the support
structure. For example, if stiffness controls the design, the structure is expected to have
more reserve capacity than the design imposed capacity, which translates to more material
being used than the one needed to satisfy strength design considerations. As such, using
the ULS design criterion (strength control design) and the SLS design criterion (stiffness
control design) results in different minimum embedment depth of the foundation [50].

Tight tolerances are used in the SLS design criterion. Being the one that usually is
more restricting design criterion, it usually governs the design, as it requires a bigger
embedment depth. Still, the design should consider all the limit states. Due to its small
head rotation, as in some cases, it might be difficult (or actually impossible) to respect it,
a relaxed rotation requirement can be considered. However, this relaxation is not always
possible due to operation restrictions. It is important to remind that an insufficient design
compromises the safety and serviceability of the wind turbine, while a too conservative
design leads to higher costs that could be minimised [17, 30, 50].

According to Brinkgreve et al. [50], beyond a given embedded pile length, the rota-
tion becomes independent from this dimension. This is undesirable, as increasing the pile
length will not help in reducing the rotation and a portion of the support structure is not
being solicited in a relevant way. The authors of that work also explicitly state the impor-
tance of the soil stiffness of the upper layers/part of the soil where the pile is embedded.
A bigger pile diameter can lead to the necessity of a smaller embedment length. At the
same time, a bigger diameter will lead to a stiffer pile that can have more residual stresses,
a heavier system, reduced installation drivability and possible worse fatigue conditions.

According to Byrne et al. [6], adding ballast to the foundation after placement in-
creases the foundation performance. While this is interesting, the costs are significant.
At the same time, pile bending moments along the pile’s length decay more rapidly for
flexible piles than for stiff piles [51].

Correct soil characterization is needed to perform a correct foundation design, from
strength to deformation and consolidation parameters. The key parameters that are im-
portant to consider for the soil will be broached in Chapter 3, where the relative focus will
be given to the Soil-Structure Interaction. Different soil modelling approaches will also
influence the stiffness and bearing capacity outcome. This subject will also be broached
in Chapter 3.

The amount of uncertainties surrounding the foundation and sub-structure design is
the main difficulty in performing a correct design process that includes all significant
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factors. These uncertainties make it impossible to have very precise simulation results
with simplified models, as it is unknown which factors have more weight in stabilizing the
structure and that may change with time. A rigorous procedure may be employed using
FEM analysis, but it also requires higher computational times and foundation properties
from tests that are also expensive. Negro et al. [5] stated a series of uncertainties related
to foundation design, such as loads combination, scour phenomenon, scour protection,
different scale/dimensions, and soil liquefaction. Kementzetzidis et al. [10] presented
a series of uncertainties from a geotechnical point of view, where cyclic and dynamic
factors were presented. Lateral soil stiffness variation throughout the service life and in
storms, as well as dynamic damping from SSI, were presented as the main geotechnical
uncertainties.

One major uncertainty in the design of offshore structures, especially wind turbines, is
the evolution of the structure throughout its lifespan and how long-term performance will
be affected after the foundation is subjected to millions of cycles. As the soil is subjected
to cyclic loads from the structure, significant changes in the soil properties can occur. As
a result, the foundation stiffness can be altered and, consequently, the natural frequencies
can also change. The overall expected evolution of the soil with cyclic loading should
be taken into account to design a wind turbine that remains with a fundamental natural
frequency outside the excitation frequency ranges. This situation can also be seen as
a fatigue problem, where the application of cyclic and dynamic loads leads to smaller
bearing capacities and stiffness alterations/degradation. Further attention should also be
taken regarding the dynamic amplification of the system response when operating close
to the fundamental natural frequency, as higher foundation displacement, and thus higher
foundation strain, occur. This can be regarded as a resonance kind of problem [1, 5, 14,
52].

This raises the importance of proper design guidelines regarding the foundation mod-
elling and overall design to ensure a precise and correct simulation of the foundation.
Currently, only recommendations on performing a FEM study are in-place on standards
[53].

When installing an open-ended pile, a phenomenon known as soil plug can occur.
This consists of a portion of soil blocking the end of the pile and not allowing more
soil to enter the pile. An incorrect assumption regarding this subject may lead to wrong
predictions of pile capacity since the load carrying capacity of plugged and unplugged
piles are different. It can also incorrectly misjudge the drivability of the pile, where a
plugged pile will require more energy to drive it through the soil, increasing costs and the
risk of damaging the pile [54, 55].

This phenomenon is influenced by the permeability and relative density of the soil,
as well as by the lateral stress acting on the pile. The vertical stress does not influence
directly the soil plugging occurrence. The length of the soil plug depends on the internal
skin friction - if the vertical bearing capacity at the pile tip is greater than the internal skin
friction, the soil will keep entering the pile. The type of installation of the pile also is
preponderant. Note that, according to Fan et al. [22], jacked piles are not used in practice
for OWTs installation. As such, the most common practice is impact driving (where
soil plugging is of high importance) and drilling (where soil plugging is not relevant for
installation) [54, 55].
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Any alteration in the fundamental natural frequency, be it an increasing or decreasing
frequency, should be taken into account, as these variations lead to the approximation of
the fundamental natural frequency to the forcing frequencies range. This approximation
is thus associated with resonance problems of the structure. The fatigue damage accumu-
lation is avoided by not coalescing the fundamental frequency of the structure with the
operation excitation frequencies. This can be performed by ensuring that the system has
sufficient stiffness, mainly soil-related stiffness [14, 15, 56].

Overall, the foundation design should be performed attending to the soil evolution. If
due to cyclic loads, the soil gets softer (degrades) with time, then the fundamental fre-
quency of the structure should be closer to the upper bound. However, if the soil hardens
with time, then the opposite should be performed. Nevertheless, the soil properties de-
termination inherent uncertainties lead to a foundation design that allows the structure’s
fundamental frequency to sit, more or less, in the middle of the desired range. This is the
most common design practice. Further studies and model developments have to be per-
formed to assure that designing a structure that can have excitation frequencies close to its
fundamental frequency is viable since the soil will evolve with time for a more favourable
situation. For situations where resonance cannot be avoided, controller solutions have
been developed to mitigate its effects [1].

From the necessity of precise natural frequency quantification, an accurate prediction
of the foundation stiffness should be performed. This stiffness greatly influences the
natural frequencies obtained in the design. The foundation stiffness also plays a big factor
in the accumulation of rotation under cyclic loading, affecting the results from the tests
regarding the serviceability limit state of permanent rotation [22].

Scour can have a very big negative influence on the structure response. DNV design
codes and recommendations [43, 47, 57, 58] present a recommended equilibrium scour
depth of 1.3 times the pile diameter to be considered for the ULS and SLS design cases,
where the phenomenon is dominated by currents. It is important to acknowledge, how-
ever, that in the marine environment, currents, tides and waves, all influence the scour
seen. According to Prendergast et al. [17], current-induced scour is when considerable
scour depths occur, with wave-induced scour being rather small. Matutano et al. [32]
presented a series of different equations for the scour depth prediction, underlining the
number of different approaches one can take to broach this subject. Other uncertainties in
magnitude and variability of the parameters that govern the scour phenomenon lead to a
challenging prediction/estimation of the scour depth that a given foundation will face.

OWTs that are expected to suffer from scour need to be monitored across their service
life. The monitoring procedure is based on a long-term plan, where a too conservative
approach might lead to unnecessary monitoring activity, which is an additional cost. Even
with scour protection, monitoring is important. Scour protection is, however, very costly,
which is why not all OWTs that can be subjected to scour have this protection. The
deployment of this protection also requires a calm sea state. Overall, the feasibility of a
scour protection depends on the site conditions [18, 59]. More on scour will be seen in
Chapter 3.

Another factor that should be taken into account, besides the alteration of soil proper-
ties, is the interaction of the offshore wind turbine with the water body around it. Apart
from the hydrodynamic loading that the structure is subjected to due to waves and cur-
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rents, the water around the sub-structure will accelerate with the movement of this ele-
ment. This accelerating body of water can be seen as an added mass. Hydrodynamic
damping will also be associated with it. Through the offshore wind turbine lifespan, there
is hard marine growth. This marine growth will lead to an increase in the mass of the
structure. As a consequence, the overall structure will become softer and with higher
damping [2].

Other factors such as noise pollution, disturbance of natural habitats, aquatic ani-
mals’ migration routes, sensitivity alteration of nearby seismic stations, bird collisions,
and damage from impacts are also important when designing an OWT. An effort to min-
imise the influence of installing a wind turbine in a nature zone should be made, as this
will also reduce the problems that the animals that live in/pass through the installation
zone of the wind turbines, thus reducing maintenance necessity [3].

2.2.3 Modal properties effects

As in any other dynamic system, operating close to the natural frequencies leads to struc-
tural resonance. Resonance conducts the system to large amplitude stresses and high
fatigue damage. As such, these regions are avoided in the OWT design [28].

Special attention should be given to forcing frequencies, as the wave loading associ-
ated frequencies are variable and can comprehend a wide frequency spectrum. According
to Sgren [59], the wave frequency of extreme waves is typically between the range of 0.07
and 0.14 Hz, while the wind loading frequency is usually less than 0.1 Hz [17].

First fore-aft and side-side tower modes of wind turbines are the predominant modes
of the structure. These, in a soft-stiff design, will be comprehended between 0.1 and 0.5
Hz. These modes will be very close together to each other. The little difference between
these two modes results from anisotropy of the moment of inertia of blades and nacelle,
as well as significantly different damping characteristics. The fore-aft movement will be
highly damped as aerodynamic damping from the rotating blades is significant, while the
side-side movement will have negligible aerodynamic damping. As stated before, special
attention should be provided to an assessment of foundation stiffness over the typical
OWT design life of 20+ years, as in the soft-stiff design, the fundamental frequency (given
by the minor frequency of the fore-aft and side-side motions) may vary throughout that
timeline [12, 30].

The aeroelastic models regularly used in the wind industry can combine the influenc-
ing effect of aerodynamic, elastic, and inertial loads during a load case simulation. With
this, they can compute the dynamic aeroelastic response of the structure subjected to a
given loading input, as well as its natural modes of vibration. With this, they can compute
the dynamic response of the structure subjected to a given loading input and its natural
modes of vibration. With these, further calculation of the extreme and fatigue loads can
take place, as well as analysis on aeroelastic stability [44].

The wind turbine stability will be assessed through its natural modes. A Cambpell di-
agram can be drawn to facilitate the visualization of the evolution of the different natural
frequency modes with rotor angular speed. It is important to note that each component
will have its natural modes and that a structure’s natural mode will be composed of a
combination of these, i.e., there will not be a pure structural mode of vibration. A given

22



Flapwise
(flatwise)

" Laleralx'g
Pnlch(\ (sidewards)
)('Longiludinal

A (fore-aft)
Roll

FIS@

‘\
Edgewise
(lead-lag)

Torsion
(twist)

Fig. 2.8. Nomenclature associated to the blade degrees of freedom [45].

mode will have tower and blade natural modes contributions, with the exception of the
fixed-free drivetrain torsion. Fig. 2.8 presents the associated nomenclature to the blades’
degrees of freedom, while Fig. 2.9 presents the observed blade natural modes and re-
spective Campbell diagram for a 600kW onshore wind turbine. Hansen [45] studied the
aeroelastic instabilities that can occur on a wind turbine’s blade, where stall and vortex-
induced vibrations are the main sources of instability problems.

Being fatigue damage an important design factor for OWTs, both stiffness and damp-
ing of the system weigh a lot on the life estimation of a given structure. According to
Malekjafarian et al. [23], changes in these properties significantly affect the fatigue dam-
age, with the predicted fatigue life linearly increasing with the damping ratio. The struc-
ture will be more sensitive to the damping ratio considered than the resultant moment
at mudline from a fatigue damage point of view, as the relationship between stress and
fatigue life is non-linear. Shutdowns also have a big effect on the fatigue life, since no
significant aerodynamic damping happens to increase the damping ratio of the system. As
reported by Aasen et al. [4], for idling periods, the response is dominated by the founda-
tion stiffness and damping, while in operation periods the aerodynamic damping presents
itself as the main factor on the damping front.

The damping present in an OWT is composed of a set of different sources of damping.
Aerodynamic and soil damping are the main sources of damping, with the first being more
significant when the turbine is under operation and the second when the turbine is on idle.
The different damping sources will be further presented in Chapter 4.

Aerodynamic damping is very relevant under operating conditions of the wind tur-
bine, as it has a direct impact on the aeroelasticity phenomena that occurs. Considerable
damping is achieved when the rotor rotates, modifying the loads applied to the wind tur-
bine. This damping will be proportional to the wind speed that passes through the blades
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[28].

Foundation damping is the most relevant damping source when the OWT is stopped/i-
dle condition, as the aerodynamic damping is very small if not zero. According to Car-
swell et al. [53], foundation damping incorporation can reduce up to 10% the cyclic loads
that the OWT is subjected to. Other damping sources do not have the same weight as
foundation damping, although structural damping is still relevant. Some OWTs also have
incorporated dampers which greatly contribute to the total damping of the system when
on [12, 53].

As documented by Chen et al. [39], the quantification of influence for each individual
damping source is very difficult to obtain. As a consequence, the modal damping ratios
needed throughout the design phase are difficult to predict, while having a big influence
on the dynamic behaviour of the OWT. Dynamic tests after construction may be required
to check the validity of assumptions made [60].

Noren-Cosgriff et al. [12] performed a study regarding the modal properties of an
OWT. In their conclusions, they saw that an increased load would result in a small increase
in damping, while the fundamental frequency would decrease. Damgaard et al. [31] saw
that cross-wind vibration led to increasing fatigue loads, as no significant aerodynamic
damping takes place. These authors say that, when the acceleration level increased, the
modal damping and natural frequencies decreased. These phenomena were assumed to
be related to distinct non-linear soil behaviours.

2.3. Final Remarks

An OWT is composed of the RNA, the tower, the substructure and the respective founda-
tion. The RNA will include an aerodynamic rotor, a transmission system, a generator, and
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a control system. The monopile foundation is the most common support structure within
the offshore wind industry. This foundation type can be seen as the easiest foundation to
manufacture and deploy, being possible to install for a considerable water depth range. Its
design procedure is also simpler, although it is not the most stable foundation.

A set of several DLCs have to be run in order to certificate a given OW'T. However,
several uncertainties still exist regarding the soil. These uncertainties are the main reason
for investigation and development in this area.

The lateral soil capacity is one of the main limiting factors in the design of OWT
monopile foundations, as there is a lack of redundancy in the design due to the nature of
loading acting on OWTs. The cyclic loading can cause a failure for smaller amplitudes
and before than what was expected when considering monotonic loading.

Minimization of the dynamic amplification is possible by avoiding the areas of reso-
nance (steering clear of coalescence between natural frequencies and forcing frequencies).
This avoidance is performed by modifying the stiffness of the structural system (founda-
tion + sub-structure + structure). Besides this step, damping is also required to minimise
even further any dynamic amplification. Damping is an important factor to behold, as it is
essential for OWTs to avoid excessive fatigue damage accumulation throughout the wind
turbine lifespan. If this minimization is not fulfilled, the structure will enter resonance
and excessive deformation or even structure collapse can occur. Attention to how the
soil stiffness varies with time should also be taken into consideration, as the fundamental
frequency will be altered with the stiffness and resonance may occur.

Other phenomena can also alter the stiffness and damping of the structure. Scour was
seen as the most common example of these phenomena, where the removal of a portion
of the upper soil translates to a stiffness reduction and natural frequency variation. It is
important to note that the soil stiffness in the upper part of the soil substantially influences
the pile head rotation and the system’s fundamental natural frequency obtained.

Overall, further work is necessary to guarantee a safe and viable design process for
OWT. Accurate stiffness prediction and damping estimations are needed for proper quan-
tification of the system’s modal properties and expected maximum load amplitudes. This
is the focus of current investigations regarding not only the design of wind turbine and
foundation, but also how the SSI should be modelled (as it will be seen in Chapter 3).
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Chapter 3

Soil-Structure Interaction

The vast majority of the predicted natural frequencies of OWT lie below the actual fun-
damental frequency of the structure. This reported difference that resides inside a 10%
bandwidth for the best cases is the result of unconsiderations regarding the influence of
different aspects of the soil on the structure. A conservative approach is then used in these
cases, leading to a support structure that is unnecessarily large. The incorporation of these
interaction effects allows for a more accurate design process, as long as there is a high
degree of confidence regarding the influence implementation [7, 46].

The definition of soil parameters is very important for foundation design. As the
interaction between the structure and a given soil varies with soil stratum properties, its
quantification and estimation affect the modal properties predicted for the structure. Soil
parameters that characterise the strength, deformation and consolidation of the soil are
necessary to account for the soil’s influence on the structure. The evolution of the soil
properties with time can also play a vital role in the foundation design for a given structure
[52].

The soil-structure interaction (SSI) is important to consider as the relative stiffness
between the structure and the foundation may influence the energy and force transferring
from one to the other. As the ground can be deformed, a rigid approach, disregarding
the flexibility of the foundation, is not a good approach and errors are expected to exist.
The structure’s response is thus affected when considering this interaction, as the natural
frequencies of the structure, the damping ratio, and the soil motion are modified. Con-
sequently, it is relevant to understand that different influences will be seen as different
modelling approaches are considered since these can comprise different soil properties
and soil-structure relations. Throughout literature and simulation codes, the modelling of
the foundation is still processed with poor considerations regarding the SSI [30, 61, 62].

A high degree of uncertainty surrounds the determination of soil properties. Being
characterised by a random nature, the calibration of the parameters that define the soil
properties is difficult to perform. Yet, a typical underestimation of eigenfrequencies on
analyses performed in OWT problems occurs that surpasses the stochastic soil properties,
with expected underestimated soil stiffness. As the unconsideration of a SSI leads to
higher frequencies than those measured, the introduction of such interaction is necessary.
Aspects such as scour, backfilling, and cyclic motion soil modifications can be responsible
for a constant alteration on the eigenfrequencies of the structure [15].

The consideration of a soil-structure system conducts to a longer natural period than
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the one that would be obtained through a completely fixed-base structure. Considering
this interaction thus means there will be a softening considered at the structure’s founda-
tion. Likewise, an increase in the damping of the foundation-structure system will also
occur. As stated by Malekjafarian et al. [23], to obtain a truly optimised design, the SSI
should be accurately modelled [7, 61].

Wind turbine models should then consider not only the structure itself but also its
substructure and foundation to correctly assess the system response and modal properties.
The wind turbine is usually modelled as a lumped mass system, while model variations
exist when considering the foundation due to trying to include SSI effects. As Badoni et
al. [63] state, the prediction of the response of a structural or mechanical system does not
have a unique solution.

Independently from the model used, be it a simplified or a more rigorous model, it is
of substantial importance that a precise estimation of the fundamental natural frequency
of the structure is performed. Finite element models could be used to approximate in a
rigorous way the foundation behaviour as different constitutive soil laws exist that allow
a great accuracy on soil response, but the elevated computational cost rules them out of
regular use on this subject [30, 53].

According to Sturm et al. [24], further optimization of OWT design would need the
implementation of another interface between the structural and the geotechnical designer.
However, this new interface would lead to more iterations to be run by both designers,
conducting to a longer design period. Reduction of the design period is only possible
with a complete understanding of the nature of loads and structural design methodology,
where a wide range of loads and/or stiffness quantities are covered.

The stiffness of the system must be well known at small strain to determine the funda-
mental natural frequency of the structure. Although the loading in offshore wind turbines
is of cyclic nature, it is fundamental to first understand the behaviour of the structure due
to monotonic loading to expand the knowledge to cyclic loading [64].

Models that consider cyclic loading must include considerations on the hysteresis, and
ratcheting behaviour of the soil, as well as the stiffness and possible damping changes that
may occur, to correctly obtain the structure’s response [64—66].

The main overall concerns when modelling OWT considering the SSI come from in-
consistencies between design predictions and measured performances and uncertainties
related to soil modelling and soil input parameters/influences. Although the differences
seen are not very large, tight operational intervals and dynamic amplification avoidance,
as well as an ongoing desire for optimal and cost-efficient methods, promote the investi-
gation of better solutions in this regard [49].

3.1. Soil basics

Soils can be categorised into different types. The most common separation consists on
cohesionless and cohesive soils. Sands and gravels are an example of cohesionless soils,
while clays are an example of cohesive soils. This division is normally performed through
the soil’s particle size and shape. As according to Kulhawy [67], clay can be considered
soft if it has a maximum undrained shear strength of 50 kPa, while stiff clay will have a
minimum undrained shear strength of 100 kPa. However, a proper note should be given to
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the fact that there is not a consensus on the limits to define a soft or a stiff clay. Meanwhile,
sand is characterised by its relative density [33].

The mechanical properties of cohesionless soils are dominated by grain-to-grain con-
tact and friction. As such, the shear strength of sands is derived from the slipping contact
friction force at the contact surface between two adjacent particles. Meanwhile, for cohe-
sive soils, chemical and electrical interactions are more important. The shear strength of
cohesive soils still plays a major part in the soil resistance, even if a null effective stress
is applied [33].

A given soil will be considered saturated when its voids are filled with water. Signif-
icant differences can be expected when comparing dry and saturated soil. Although the
majority of geotechnical problems have soils partially saturated (voids contain both air
and water), it is common to analyse the problem considering one of the extremities: fully
dry or fully saturated. Complex constitutive laws and numerical analyses may be needed
for the consideration of saturated soils, depending on the problem at hand [33].

The soil can have a drained or undrained nature. This means that different drainage
conditions may exist. The drained and undrained conditions are defined from a relation
between the consolidation time and the loading time. An undrained condition will be as-
sumed if no significant variation on the soil’s water content occurs during loading. The
excess water content will, however, be dissipated, as a consolidation process happens.
Likewise, an undrained situation can be considered when the consolidation time is sig-
nificantly larger than the loading time. The soil permeability is interlinked with the soil’s
drainage capacities. Once again, soil can be partially drained. Nevertheless, for problem
considerations, an extremity condition is usually admitted. The drainage condition of the
soil is directly linked to its permeability, where a drained condition can be assumed if
the soil is very permeable. As according to Jia [33], both undrained or partially drained
conditions can be assumed for fine-grained soils beneath offshore shallow foundations.
A drainage analysis will be necessary for soils that have high permeability, as a drained
condition occurs. Different models, considering either total stress or effective stress, exist
to account for the drainage conditions [33].

The effective stress of saturated soils can be determined by performing the difference
between the total applied stress on the soil and the water pressure at that same point. Eq.
3.1 presents this relation. The total applied stress can be determined by summing all the
applied forces and diving them by the total area of solid and void. It can then be defined
as being the total weight per unit of area of the soil and water enclosed in the considered
continuum [33]:

o, = 0, — Oy. 3.1)

Likewise, if a soil mass is submerged, or sits below the groundwater table, the water
that will reside inside the soil will apply a force on the soil particles around it. This force
will be of a buoyant nature, with the water pushing the particles upwards. The magnitude
of the force will be equal to the water weight that has been displaced by the particles.
Consequently, the net/effective soil weight will be reduced by this buoyant force, as can
be seen in Eq. 3.2 [33]:

'}/ = Ysat — Yw- (3.2)

A mean stress can also be calculated. This will be the sum of the stresses in the main
directions, which correspond to the vertical stress (07 = 0;) and the horizontal stress
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(0p = 03 = 0y), divided by three, as seen in Eq. 3.3 [33, 56, 68]:

Gm:c71+c;2+03:cyv—|—32(7h- (3.3)
The horizontal effective stress can be determined by using the definition of lateral
earth pressure coefficient. This coefficient relates the vertical and horizontal effective
stresses for a given depth. Specific expressions for this coefficient exist for sands using
the knowledge of the internal friction angle. Eq. 3.4 presents this relation in a general

way [33, 69]:
!

=5 (3.4)

o

Clay is prone to bond with the surrounding water, as it has a net negative charge, while
water has a net positive charge. Another property of this soil material is its large specific
surface, meaning that clayey soils can absorb a significant amount of water, increasing
its volume. The water content on clays will then influence its behaviour by defining four
distinct consistency states liquid state, plastic state, semisolid state, and solid state. Clay
in its liquid state will not have any strength. In a plastic state, the clay will behave as an
elastic material but being easily deformed. A semisolid state will be reached as the clay
dries out and cracks start to appear. Crack propagation is a sign that this soil material is
losing its plasticity. In solid state, clays exhibit a very brittle behaviour. Fig. 3.1 presents
the relation of these states with the Atterberg limits that delimit the clay state, them being
the shrinkage limit (SL), the plastic limit (PL), and the liquid limit (LL). These states are
quantified by the water content present on the soil, where a plasticity index and a liquid
index can be defined as seen in Egs. 3.5 and 3.6, respectively [33]:

Iy = (wrL —wer) - 100%; (3.5)
w—wpp
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0 SL PL LL w(%)
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Fig. 3.1. Clay state definition and Atterberg limits with increasing water content [33].

Consolidation consists of a decrease in the volume of voids with an increase in ef-
fective stress. Consolidation tends to be more significant for clays than for sands. This
phenomenon influences the settlement structure and its influence can be slow-showing.
An over-consolidation ratio (OCR) can be defined as the ratio between the maximum
value of effective stress in the past and the maximum value in the present. The soil can
be considered normally consolidated if the OCR is equal to one. This may mean that the
soil has not been subjected to loads greater than the present one. The soil will be called
over-consolidated if the OCR is bigger than one. Different geological mechanical factors
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can be the origin soil over-consolidation. In general, over-consolidation is not relevant for
granular soils, like sand. It can, however, highly influence soils as clay. [33].

The principal soil properties are strain-dependent. Inherent properties as the shear
modulus and the damping of the soil change with the existing soil strain. Darendeli [70]
studied the variation of these two properties with strain, observing that the shear modulus
decreased with increasing strain amplitude, while the opposite occur for the soil damping
ratio. Consequently, the maximum shear modulus is usually known as the small-strain
shear modulus Gy, while the minimum soil damping ratio {;, occurs for small-strains.
Also, the soil properties of existing anisotropy influences the overall strength and stiffness
of the soil. This, in turn, alters the soil’s natural behaviour when faced with a given
excitation. Fig. 3.2 presents an example of the shear modulus degradation with shear
strain [7].
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Fig. 3.2. Normalised shear modulus/stiffness degradation with shear strain [71].

The elastic threshold strain 7, is defined as the strain amplitude at which the shear
modulus decreases to 98% of its original value (small-strain shear modulus). This thresh-
old defines the point from where the soil behaves elastically but in a non-linear fashion.
The cyclic/plastic threshold strain ;. defines the point from where the deformations be-
come irrecoverable (plastic behaviour) and is determined from the strain amplitude that is
associated with a decrease to 80% of the small-strain shear modulus. A reference strain
Y- = €& can also be defined by using the strain that corresponds to a shear modulus equal
to half of the small-strain shear modulus [70].

The soil Poisson’s ratio is a difficult value to obtain and estimate. It depends on
the type of the soil, as well as on the soil strain, degree of water saturation and loading
frequency. According to Versteijlen et al. [27] common values are 0.3 for sands and 0.45
for cohesive soils. Thota et al. [72] examined different soils in terms of their Poisson’s
ratio and saw that an increase is expected when the soil is saturated with water.

Besides the lateral strength and stiffness of the soil, the longitudinal/vertical resistance
of the soil is also important. This component of soil resistance can be linked to part
of the lateral resistance, but more important is what restricts the installation of a given
foundation in a certain location. According to Yan et al. [55], the bearing capacity at the

31



tip of a pile will be provided by the soil unit weight, soil cohesion, and soil surcharge.
The soil surcharge is induced by the soil that sits above the pile tip and around the pile.

It is important to comprehend that the overall soil stiffness is also highly dependent
on the pressure that acts upon it. The soil can behave in a non-linear way during loading,
as plastic deformations occur, changing the stiffness of the foundation. Similarly, the
damping ratio is affected by the confining pressure, loading frequency and soil plasticity
(4,70, 73, 74].

If the soil is remoulded, a softening process called thixotropy will occur. This phe-
nomenon is then followed by a return to the original state. This return is time-dependent,
as the constant water content and porosity affect it. The strength gained after remoulding
(due to thixotropy) will be very important for clays [52].

3.2. Soil properties determination

Soil properties estimation is a challenge for geotechnical engineers. Significant differ-
ences between field and laboratory measurements occur, as soil condition variability and
sample representation are important factors to this. Measurement discrepancies can also
be justified by the soil alteration on soil disturbing methods, as removing a sample will
hinder the soil’s properties. Sampling modifies the existing structure and cementation of
the soil, something that occurs throughout millions of years. The associated reliability of
the soil properties estimation will be linked to the reliability of the testing performed [69,
70].

The static undrained shear strength, for clays, is an important property that can char-
acterise a given foundation capacity, while the internal friction angle is important to char-
acterise a given sand resistance. For both, knowing the soils Young’s modulus can be
important. Consequently, certain acquisition reliability is assured. A wide variety of lab-
oratory, field/in-situ test methods exist for the determination of this and other soil prop-
erties. Direct shear and triaxial compressional tests are common laboratory test methods,
which can be performed on undisturbed or reconstituted soil samples. Vane shear, stan-
dard penetration (SPT), and cone penetration (CPT) tests are common field test methods.
Seismic wave velocity measurement is an in-situ test method usually performed in tandem
with SPT or CPT [52, 63].

The direct shear test is a soil strength test that measures the friction at the interface
between two bodies. The shear force is measured using a load cell attached to an actuator
that subjects the soil specimen to a lateral load (inducing shear). With the recorded ap-
plied load and induced displacement, it is possible to determine a stress-strain curve for
different confining pressures [33].

The triaxial shear test is a suitable test for all types of soil, where it is possible to
control the drainage condition. This test is very used when a measurement of the water
pore pressure is desired. Consequently, it is important to guarantee that the drainage
conditions during the test are identical to the ones seen in the field. Three types of triaxial
shear tests can be performed, according to the soil consolidation condition in the first
stage and the drainage condition in the second stage. These types are the Consolidated-
Drained test, Consolidated-Undrained test, and Unconsolidated-Undrained test. Different
standards regulate and describe how a triaxial shear test should be performed [33].
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Vane shear test is an in-situ test method that correlates a measured torque at failure
with the undrained shear strength of the soil. This test method allows a direct and reliable
measurement of cohesive soil strength. The shear strength is determined for a given depth
of interest [33].

The SPT is a simple and cheap soil property measuring method when compared with
other in-situ dynamic soil properties measuring methods. Despite some limitations and a
high number of corrections and correlations necessary to reach a soil property estimation,
this test method is widely used in geotechnical engineering. This test method consists
of driving a thick-walled sample tube using repeated blows from a high-mass hammer.
The soil is considered disturbed during the first phase of the penetration. As such, the
results are only measured for the remaining penetration. The sum of the number of blows
required to drive the sample tube gives the standard penetration resistance and is presented
as "N-value” or as "SPT-N value”. This resistance, however, does not have a physical
meaning. Correlations are then needed to determine a given soil property. Many empirical
formulae and correlations exist to relate soil properties with the SPT-N values, but none of
them can guarantee a high level of accuracy or quality. The SPT-N values can depend on
the equipment used and on the skill of who operates it. These factors should be corrected
before entering a design phase that uses the soil properties given by this method. Further
corrections for rod length, hole size and use of a liner are needed if alterations to the
standard procedures are done. These corrections are especially important for liquefaction
evaluation of the soil [33].

The CPT is a similar test method to the SPT, where, instead of a thick-walled sample
tube, a steel cone is used. The CPT allows a more accurate estimation of soil properties.
This is the reason why this method is vastly used on the offshore industry, even though
this is a less used method when compared to the SPT and it cannot be used for very stiff
and dense soil conditions. The CPT method, as seen in Fig. 3.3, is the common method
applied for the soil properties identification needed for a base soil modelling. The CPT
can present a continuous record of its measured properties, although it cannot recover soil
samples, as it is possible with the SPT method, and special equipment is necessary. The
resolution of CPT method can be related to the size of the cone tip. The cone is connected
to a friction sleeve by load cells. These load cells will measure the cone tip resistance
and the sleeve resistance during penetration, with the measured data being recorded in
increments of depth. Besides the cone tip resistance and sleeve friction, pore pressure and
relative density of the pierced soils can also be directly obtained. It is common though to
correct the cone resistance for overburden pressure [33].

SPT and CPT measured values can both be linked to other soil properties through a
set of correlation expressions. However, by employing these correlations, a tentative of
relating a large-strain measurement with a small-strain characteristic needed for a given
analysis occurs, resulting in some degree of error. Attention to this should be provided
when wanting soil properties estimations through these test methods [27].

Seismic wave velocity measuring uses the concepts of the propagation of seismic
waves to determine the soil properties. However, the utilization of only this method
through non-destructive tests, such as surface reflection, surface refraction and spectral
analysis of surface waves, can have significant drawbacks. This means that a combination
of non-destructive and laboratory or destructive field test methods should be performed
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Fig. 3.3. Example of a CPT for offshore applications [33].

to enhance the soil properties estimation. To generate shear waves in the soil, a hori-
zontal impact is necessary. Other types of excitation, such as vertical impacts, a shallow
explosion, and operational excitation generate different kinds of seismic waves [33].

Darendeli [70] defends that a small-strain shear modulus in-situ measurement should
be performed. For example, by using the shear wave velocity, and knowing the mass
density of the soil, it is possible to determine the small-strain shear modulus of the soil,
which can be linked to the soil resistance and stiffness. Eq. A.1, in Appendix A, presents
this relation. The shear wave velocity can be quantified by in-situ seismic measurements.
The shear wave velocity can be assumed constant with depth from depths greater than 80
meters. This situation means that a half-space domain is considered [34, 69, 70].

3.3. Soil influence on OWT performance

The overall stability of any structure is guided by the strength of the local soil. However,
especially in offshore structures, more soil properties of the surrounding soil will influ-
ence the foundation stiffness and, as a consequence, the structural response of the whole
system. The presence of heavy structures can modify the soil properties, influencing the
stiffness, damping, and capacity control of the foundation. According to Darendeli [70]
a set of factors affect the soil behaviour, namely the strain amplitude, the effective stress,
the duration of the confinement state, the number of loading cycles, the strain rate, and the
stress history. The considered soil type is also a main factor in the linear and non-linear
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dynamic soil properties. For example, Abhinav and Saha [26] state that soil stiffness is
relatively more important for OWTs found in clayey soils, as underestimations are com-
mon [61, 70].

The effects that come from the SSI consideration depend on the foundation typology
used. The consideration of SSI effects can also include time-variation of properties, which
leads to modal properties variation. Furthermore, these effects should be carefully anal-
ysed as their consideration influences the design of the OWT overall structure (mainly the
foundation), with resonance avoidance being desired [34].

The soil stratum where a given pile is embedded can be of a complicated nature. Con-
sequently, it can be desired to consider homogeneous soil instead, prioritizing the most
common type of soil. However, this can be a highly non-conservative approach. The soil
profile with depth influences the degree of the effects of the SSI. Alamo et al. [34] stated
that higher variations will occur as the soil becomes softer. Although a higher complexity
of the soil characterisation should be noted, according to Gazetas and Dobry [75], the soil
reaction at a given depth is essentially independent of what occurs at other depths. This
comes from the propagation of waves generated from the soil-structure interface mainly
in the horizontal direction, in what can be considered a plane-strain condition.

The usual penetration depth for OWT foundations is less than 50 meters, which means
that an assumption of a half-space domain is not correct. In turn, the shear velocity will
always vary with depth in these foundations, influencing the actual soil shear modulus,
as it is directly linked. This soil property is seen as important to estimate the natural
frequencies of the system, as it is normally used for foundation performance evaluation
in terms of fatigue and serviceability. The horizontal/lateral response of the structure will
then be highly influenced by the non-homogeneity of the soil [51, 52, 62].

According to Darendeli [70], the shear modulus of the soil will increase with the
increase of its effective confining pressure, while the soil damping ratio will decrease
with the increase of the confining pressure. As a consequence, the shear modulus will be
higher for an over-consolidated state, while the soil damping will be lower. This means
that the dynamic soil behaviour in terms of small-strains will be less dependent of the
vertical effective stress, as a decrease in the void ratio of the soil is responsible for a
change in the dynamic response of the soil. When over-consolidation occurs, stiffer soil
is then obtained. The effect of confining pressure will be more significant for non-plastic
soils, since, for plastic soils (as clays), an increase of soil’s plasticity leads to a decrease
of the confining pressure influence. Darendeli [70] also saw that over-consolidated soils
exhibit some degree of a "memory” regarding their stress history. Meanwhile, Wang et
al. [76] observed that, as the sand gets denser, higher strengths and stiffness are achieved.
Denser sand will, therefore, have a higher friction angle at one common strain [77].

3.3.1 Soil layers and failure mechanism

The disposition of the soil layers can also affect the overall soil stiffness. Zhang et al.
[51] saw that the lateral response of the structure will be highly influenced by the non-
homogeneity of the soil and by the pile flexibility. Burd et al. [78] saw that a soft layer
in a stiff soil matrix reduces the strength and stiffness of an embedded monopile, with the
opposite being true as well. A stiffer layer below the pile tip can also influence the soil
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resistance acting on the pile. Difficulties in incorporating these influences, especially in
simpler models that do not recur to 3D finite elements characterised by constitutive laws,
exist. Likewise, according to Alamo [34], the superficial layers of a given soil stratum
are the main contributors and influencers of the modal properties found for the structure
embedded in such soil stratum. According to Damgaard et al. [13] and to Alamo et al.
[34], the Poisson’s ratio does not play an important role on soil stiffness determination, as
little to no difference was seen for a given soil with distinct ratios.

How the soil fails can be another influencing factor. As different soil failure mech-
anisms occur, different bearing capacities can be considered. As studied by Zhang and
Andersen [7] and by Wang et al. [48], under lateral loading, there is a region where the
soil is subjected to a wedge failure and another where a rotational failure mechanism oc-
curs. As can be regarded in Fig. 3.4, the wedge failure mechanism occurs in the upper
part of the soil-pile interaction, while the rotational failure occurs around the pile tip. A
tension gap can exist due to the pile movement. However, if this gap does not develop, a
shallower wedge mechanism depth can occur, as the soil resistance in that region exhibits
different behaviour. Wang et al. [48] state that different bearing capacities can be found
according to the failure mechanism.

Wedge failur
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Fig. 3.4. Common soil failure mechanisms around a pile [48].

The division between these two failure mechanisms occurs on the depth where, for
rigid piles, a given rotation/pivot point (a point that rotates but does not suffer any lateral
displacement in relation to the static situation) exists. The same does not occur for flexible
piles, as these essentially do not move near the pile tip and do not have a rotation centre -
they can be considered as being clamped at one end. Rigid piles, besides having a pivot
point, exhibit significant movement at the pile tip. McAdam et al. [66] saw that the base
fixity assumption for a rigid behaving pile (with an aspect ratio of around 5) does not
apply [7, 48, 79].

Throughout the literature, relative values of the depth of this rotation centre change.
However, a common value lies around a depth that corresponds to 70% of the embedment
length. As loading increases, this pivot point lowers into deeper regions, while increasing
the eccentricity of the load is reported to move the same point upwards. Sun et al. [80]
saw that this depth increased with the pile diameter. Byrne et al. [65] reported an increase
in the pivot point for an increase in the lateral pile deflection, which can be seen as a
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consequence of a given relation between the load applied and the bending moment of the
structure. McAdam et al. [66] saw that, although the rotation point moved with changing
loads, it tended to a given value. A semi-rigid behaviour can, however, be observed in
piles with aspect ratios above five and below ten [7, 48, 65, 66, 76, 80].

As the piles in the offshore wind industry behave in a rigid fashion, a negative deflec-
tion at the pile tip will occur. As a consequence, shearing stresses exist around this end,
increasing the total lateral resistance. Likewise, as the pile tip also rotates, a moment will
also exist due to vertical stresses acting on the pile tip. These effects are not considered in
the Standard p-y formulation. The PISA design model made an effort to implement these
coming from a finite element calibration process [15, 81].

Modifications on the pile diameter/aspect ratio and on the bending stiffness of the
structure will change the failure mechanisms. As a consequence, for the same embed-
ment length, a bigger pile diameter will increase the initial stiffness and ultimate bending
moment achieved, with the contributions of the base shear and base moment becoming
more pronounced. The PISA design model presents a distributed moment to account for
a variation around the pile perimeter of vertical shear stresses acting on the pile, as can
be seen in Fig. 3.5. As the pile diameter increases, so does this shear resistance increase.
Likewise, as the pile engages a larger volume of soil due to a bigger diameter, the stress-
strain relationship of the soil in the vicinity of the pile changes [34, 79, 80].
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Fig. 3.5. Lateral resistance induced by vertical shear stresses acting on the pile perimeter [82].

Although the corresponding failure mechanisms influence the soil resistance and how
it actuates on the structure, Wang et al. [76] admitted that the distribution of the soil
pressure can possibly be simplified as a linear distribution by a constant soil resistance
coefficient. Those authors saw that, for rigid piles, the pile diameter and aspect ratio did
not influence the value of the soil resistance coefficient. Nevertheless, the soil resistance
distribution and magnitude along the pile were affected by the soil failure mechanism.
The presented approach, however, presents a variety of problems and does not have a
direct physical meaning, being an oversimplification of the problem.

In a similar fashion to what was just stated, if a model with high degree of precision is
considered, the selection of a complete and accurate soil model is important. As reported
by Taborda et al. [83] for a sand model, the movement of the pile leads to an increase of
the effective pressure at some regions and a decrease at others. It is then important that
the model can capture this occurrence.
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3.3.2 Pile installation

An important factor to consider is the soil modification due to the installation of the sup-
porting structure. Different methods exist to install a support structure, where pile driving
is the most common installation process for monopile-supported OWTs. After pile in-
stallation, the soil surrounding this structure (ultimately the adjacent soil up to 1.5 times
the wall thickness of the pile) is expected to be highly remoulded. A partial regain of
strength occurs as pore pressure dissipation and thixotropy occurs. The remoulded shear
strength can then also be altered as a result of this excess pore pressure dissipation and its
distribution. Consequently, the state of the surrounding soil will be highly influenced by
the pile installation method selected [7, 9, 52].

It is important to understand that it will be the surrounding soil that has been re-
moulded that will dictate the interface stiffness on shear, influencing the soil stiffness for
lateral solicitations. Likewise, due to pile installation effects, skin friction quantification,
a factor that can also help resist an overturning moment applied to the support structure, is
subjected to uncertainties. As reported by Fan et al. [9], there is extensive research on the
effects of pile installation methods on the axial response of a structure, but no detail was
given on the lateral response. Although this influence should be acknowledged, design
guidelines do not present a method for its quantification [7, 9].

Fan et al. studied throughout three works (Refs. [9], [22], and [46]) the influence of
the pile installation method on numerical simulations (3D finite elements) and small-scale
testing on sand, considering three situations: wished-in-place, jacked installation, and pile
driving installation. From these, only the last one can be regarded as employable for OWT
support structure installation. The wished-in-place situation can be seen as an approxi-
mation of the installation by drilling. The impact driving situation, in an overall view,
led to the stiffer response, with tests being performed in sand. This installation method
allowed densification of the pile surrounding sand, increasing its stiffness. A stiffer axial
behaviour for impact driving piles, when compared to jacked piles, had already been seen
in the literature. Such is confirmed when assessing that higher vertical stress at the pile
tip occurs for impact-driven piles.

Referring to sand, Fan et al. [22] saw that the same void ratio is achieved for pile
impact driving, independently of its initial relative density of it. Although given inde-
pendence from the initial relative density of sand exists in terms of soil properties pile
post-installation, a dependence on the ratio between the pile diameter and its thickness
can exist, as the soil state is influenced by the effective area ratio of the pile. As stated
by Byrne et al. [65] in their work, a possible influence on the soil stiffness regarding
the thickness of the pile may exist. The densification that occurs decreases significantly
as further away from the pile wall one considers the soil, with densification being more
meaningful at shallower depths. When comparing the impact-driven piles with the jacked
piles, a noticeable greater area is altered using impact driving, either in the radial or in the
vertical directions. The degree of densification that occurs on sands is also bigger for the
impact driving case.

If a comparison is performed between the three cases analysed by Fan et al. [46],
it is observed that the softest response will be from the wished-in-place situation, while
the stiffer response comes from the impact-driven piles. The impact-driven piles, from
numerical simulations, exhibit a higher initial stiffness, as well as a bigger soil lateral
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capacity. It’s worth noticing that modelling quantification of the installation process on
the soil is a challenging task. As Fan et al. [22] reported, uncertainties still surround this
topic. The consideration of a wished-in-place assumption diminishes the computational
costs but can lead to an underestimation of the soil’s initial stiffness and lateral capacity.

Prendergast and Gavin [17], however, stated that the operational shear modulus of the
soil would decrease with pile installation, as large strains are induced on the soil around
the pile. At the same time, this effect can be compensated by the increase in confining
stress, as over-consolidation develops. Ageing can also increase the initial stiffness of the
soil after installation, supporting the data seen by Fan et al. in their work [46].

Consequently, the pile installation method can highly influence the foundation stiff-
ness acquired due to changes in the soil state. Fan et al. [9] state that these changes
should be considered in the design phase of the foundation. As reported in their other
work, Ref. [46], the response of the structure at low strains will be highly influenced by
the effects that result from the installation process. When plastic deformation of the soil
occurs, a reduction in the magnitude of influence from the installation process exists. Not
considering these effects can then lead to an error when determining the associated modal
properties of the system [46].

According to Jia [84], soil plugging can also have an effect on the pile installation
resistance and influence on lateral soil resistance. Most open-ended piles, such as com-
mon monopiles, are driven into the soil under partially plugged conditions. A partially
plugged condition means that, at a given depth, the soil acts as a plug and does not allow
more soil to come in. A fully unplugged condition will be a situation where the soil does
not restrict the soil from coming inside the pile as it is driven. A fully plugged pile will
behave exactly like a closed-ended pile. Even though a partially plugged condition is ad-
mitted to be what happens in real life, either fully plugged or fully unplugged conditions
are assumed for the design process of a given pile. In the OWT industry, it is common to
assume a fully unplugged condition. This can be seen in various literature, but mainly in
the work by Fan et al. [46].

3.3.3 Cyclic loading

Cyclic loading is a major aspect of the modal properties variation due to soil charac-
terization alterations. It can be very important to consider cyclic loading for the OWT
foundation design, as soil stiffness degradation and permanent deformation take place.
Fig. 3.6 presents a perfect example of that. The loads applied to an OWT during a storm
are significant, leading to relevant cyclic movement of the structure and, consequently, the
soil. Observing Fig. 3.6, the fundamental natural frequency during the storm, due to the
extreme movement (even with a stopped turbine) leads to a degradation of the natural fre-
quencies. After the storm, even though there are no more extreme cyclic loads, the effect
from before leads to an overall degradation of the natural frequencies. As OWTs operate
close to their excitation frequencies, this reduction, over time, can be very harmful to the
structure, as resonance can become common [33, 40].

As a consequence, such examples of short-term cyclic loading can induce plastic de-
formations on the soil that corresponds to a given reduction on the soil shear modulus
and overall strength as pore-pressure build-ups. These reductions can lead to failures at
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Fig. 3.6. Storm influence on the fundamental natural frequency of an OWT with a GBS
foundation [33].

lower load amplitudes than those expected for monotonic loading, impacting the ultimate
and serviceability limit states of an OWT. Commonly, natural frequency degradation and
accumulated permanent rotation at the mudline level are observed as a result of cyclic
loading. It is important to understand that the main reason for failure, as conservative
designs are considered, is the serviceability limit state. Usually, 0.5 degrees is assumed
as a threshold, where half of it is attributed to construction tolerances. This means that
only 0.25 degrees will actually be allowed as a permanent accumulation of rotation. With
a varying fundamental natural frequency due to a cyclic loading affecting the soil proper-
ties, the structure can get closer to the resonance frequency range, rising load amplitudes
and increasing the permanent rotation [85].

There are two types of cyclic loading: short-term (such as storms) and long-term. The
short-term cyclic loading, as already broached with the example of a storm occurrence,
does not allow the dissipation of pore pressures, decreasing the effective stress and reduc-
ing the soil stiffness and strength. Sturm and Andresen [24] also stated this possibility
when a storm happens. This is mainly important for clays, as it is more difficult for these
to dissipate the water pore pressure. Meanwhile, long-term cyclic loading allows the dis-
sipation of water pore pressure and drained conditions can be assumed. As it will be seen
after, in offshore conditions, the soil is usually considered as acting in undrained condi-
tions, but the drainage condition depends on different factors, with significant differences
between cohesive and cohesionless soils [15, 74, 85].

According to Carswell et al. [85], soft clays are more susceptible to properties degra-
dation due to cyclic loading, while stiff clays are essentially insensitive. However, ac-
cording to Gupta and Basu [40], there is not a lot of available information on soil stiffness
degradation by long-term cyclic loading in the literature. The existing literature curves
in terms of strength and stiffness degradation only relate the expected degradation with
shear strain, as was seen in Fig. 3.2. Still, according to Carswell et al. [85], impacts on
the soil properties will be more relevant for larger cyclic loads.

As reported in Darendeli’s work [70], a relation between the loading stress-strain path
of a monotonic loading (backbone curve) and that of cyclic loading can be conceived.
Allotey and El Naggar [86] saw that cyclic loading affects soil and pile yielding, gaping,
and soil cave-in, where a consequent influence on the soil stiffness and strength occurs.
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This, depending on the soil type and depth considered, leads to the formation of hystere-
sis loops that can take different shapes. Guo et al. [14] stated that the changes in the
hysteretic response of the foundation exist with strain amplitude. This can be regarded as
the response is of a non-linear nature. Seeing the example of sand on a small-scale model
test, Guo et al. [14] observed a consolidation of the soil surrounding the pile, as the sand
was cyclically sheared, increasing the stiffness of the soil. It can be said that long-term
cyclic loading can increase the soil stiffness for low to medium dense sands, while it can
significantly reduce the stiffness when considering clays. The hysteretic response, ac-
cording to Aasen et al. [4], was confirmed through full-scale measurements of OWTs,
where the fundamental frequencies decreased with the increase of loading amplitudes
(wind speeds).

For cyclic considerations and overall changing situations through time, like gap for-
mation, a dynamic SSI may be necessary. However, the modelling of such type of SSI
requires the specification of interrelated parameters. Difficulties are then encountered to
reach the inelastic and non-linear response of the soil with increasing strain. According
to Jiang et al. [56], the dynamic SSI can be divided into a kinematic interaction and in an
inertial interaction. The kinematic interaction is affected by the soil movement, while the
inertial interaction is affected by the mass of the foundation/superstructure [17, 86].

Besides the influence of different cyclic loads in terms of magnitude and phase that
leads to different strains, the strain rate will also alter the behaviour of the soil by mod-
ifying the soil’s properties, mainly its strength and stiffness. This effect depends on the
soil type and inherent plasticity. Strain and load rates will also influence the drainage
condition of the soil [70, 74, 87].

As seen in the tests carried out for the PISA project and documented in McAdam et
al. work [66], the loading rate is more significant in piles with small diameters. The
loading rate was seen as an influencing factor of the strength and stiffness of a given soil,
with sand presenting a higher capacity of strength for high loading rates. However, clay
exhibits a bigger influence dependency on this topic. In those same tests, as well as the
ones reported by Byrne et al. [65], a creep-like phenomenon was observed. This can also
be an influencing factor on the soil properties modification, as also supported by Zhang et
al. [7].

The variation of the structure’s fundamental natural frequency with varying loading
intensity can indicate the existing non-linear behaviour of the soil. Néren-Cosgriff and
Kaynia [12] saw that a given decrease of the fundamental natural frequency occurred as
loading increased. At the same time, damping increased with increasing loading. The
then hysteretic nature of the soil is responsible for different stiffness characterisation in
accordance with if a loading or unloading process happens [4, 6].

3.3.4 Pore pressure

Soils in offshore sites are expected to be saturated. Consequently, the saturated nature of
the soils leads to the development of pore pressure as a result of cyclic strains that occur
due to cyclic loading in offshore wind turbines. Pore pressure is defined as the difference
between the actual pore pressure and the hydrostatic pressure for still water level. The
pore pressure can influence the stiffness of the foundation by changing the effective stress
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(defined as being the difference between the total stress and the pore pressure) applied to
the soil. One should note that pore pressure can also develop in unsaturated soils under
cyclic shearing. Pore pressure is regularly associated with soil non-linearities [1, 10, 61,
66].

Pore pressure can have a significant effect on the soil mechanical properties, namely
its stiffness and strength. A high-pressure load in offshore structures will be taken by
the water pore pressure, reducing the effective stress and the soil’s shear resistance and
stiffness. The reduction in soil stiffness and strength due to the buildup of soils’ water
pore pressures should be considered in a nonlinear soil model [88].

According to Damgaard et al. [15], the cyclic motion of the monopile can generate a
pore pressure for the saturated soil. The soil stiffness can increase, as the bulk modulus
of water is higher than the bulk modulus of the soil matrix material. Damgaard et al.
[15] studied the influence of permeability on the soil and saw that an increase of the
natural frequencies was possible considering this effect. The increase of permeability
promoted a decrease in the natural frequencies. If the structure is loaded slowly, however,
no excess pore pressure develops. Especially for the design of OWT foundations in sand,
it is important to understand the drainage conditions in existence, as the soil strength and
stiffness depend on them [15, 54, 74].

There are significant differences between clays and sands in terms of drainage. While
clays typically behave in an undrained manner, sand drainage conditions highly depend
on loading rate, drainage length and soil permeability, leading to either drained, partially
drained or partially undrained behaviours. It is important to note that sands do not behave
in an undrained manner. According to Li et al. [74], a normalised time factor (or, likewise,
loading period) can be considered to quantify when a drained or an undrained condition
occurs. A factor below 50 means that the pore response is important and an undrained
situation can occur. This can be a way to, in a preliminary form, predict the type of
drainage condition that the structure will encounter. Eq. 3.7 presents this normalised time
factor, where the consolidation factor ¢, is defined in Appendix A:

t,Cy
T, = "5 3.7)

Due to the distinct drainage conditions expected when considering cohesive versus
cohesionless soils, attention should be provided to what kind of model is implemented.
While cohesive soils, such as clays, can consider both total and effective stress model
considerations due to a common undrained behaviour, cohesionless soils, such as sands,
can only be modelled using an effective stress model. This line of thought should continue
for layered soils containing both types of soil [81].

As a curiosity, onshore structures embedded in sand are usually considered to be
founded on drained soil, as the loading rate is usually slow when compared to the time
necessary to drain the excess pore pressure generated from any excitation. It is important
to note that soil that behaves in an undrained manner will have a stiffer response, with
strain softening at large strains not being considered relevant. This is also true for sand,
as dense sands tend to dilate under shear deformation. This dilation enhances the soil
properties in an undrained situation since a negative pore pressure is created [74].

Returning to the study performed by Damgaard et al. [15] on the influence of soil
permeability, it was observed that for high and low values of permeability, which correlate

42



to fully undrained and drained conditions respectively, the loading rate (frequency) does
not alter the soil stiffness. However, for a transient state between these two drainage
conditions, the loading rate impacts significantly the soil stiffness obtained. It was found
that, in this region, an increase in the loading rate would increase the soil stiffness as
well. According to Kementzetzidis et al. [10], the sand permeability will mainly affect
the local foundation response, but not in a significant manner the overall dynamics of the
OWT structure. At the same time, significant differences can occur in regards to the global
damping of the system, primarily under weak vibrations, for partially drained conditions.
This corroborates the findings of Damgaard et al. [15], stating that analyses that focus
only on the fully drained or undrained conditions can dismiss important factors of the
system behaviour.

3.3.5 Liquefaction and scour

As the soils in offshore sites are mainly saturated, liquefaction may occur. Liquefaction
consists of the transformation of a substance into a liquid state. This may happen when
a given soil is subjected to a fast cyclic loading, being one soil failure important to cover
in any structure. An important loss in shear strength occurs in liquefaction, conducting
to a global or local failure of the foundation. Liquefaction is a relevant phenomenon for
shallow foundations, losing some importance for deep foundations (as pile foundations).
This loss in importance comes from the usual penetration of the deep foundations in all
soil layers that are susceptible to liquefaction. Liquefaction is only relevant for saturated
granular soils (like marine sand) with low compactness level. [87, 88].

Liquefaction is a phenomenon that can be suddenly increased in seismic areas, with a
drastic loss of foundation capacity. The initiation of soil liquefaction, according to Jiang
and Lin [19], can be determined considering an excess water pore pressure ratio. This
ratio relates the excess water pore pressure developed in a free-field soil with the initial
soil mean effective stress. According to these, a ratio close to one for the superficial soil
layers means that liquefaction is very probable to occur.

Non-linearities can be introduced to the foundation through liquefaction. The changes
that come within in terms of soil stiffness, frequency and wavelength of free-field excita-
tion can affect the SSI and, consequently, the overall dynamic response of the structure.
As reported by Jiang and Lin [19], this softening effect that comes from an increase in
excessive water pore pressure can be incorporated into soil springs.

Scour can also have an effect on the degradation of the foundation stiffness, decreas-
ing the natural frequencies of the whole structure. As this phenomenon alters the modal
properties of the OWT, considerable thought should be given to it while designing the
foundation of an OWT in a given location. As scour will occur at shallow water depths,
inside the usual water depths for fixed-bottom OWTs, the decision on a scour protec-
tion to protect the structure from this erosion will also modify the natural frequencies of
the system. This phenomenon occurs as sediment transport capacity changes due to cur-
rents and waves, as the installation of a structure modifies the water flow of that given
region. Significant hole depths surrounding the structure can be found in extensive cases
of scouring. Scour is a time-varying phenomenon, where currents and waves influence its
development. Either way, a scour depth equilibrium will be reached for a given constant
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sea condition. The scour depth equilibrium can then be a value that is lower than those
used in the design, as foundation design usually considers a maximum scour depth to have
a conservative approach to the problem [2, 30, 32, 59, 89, 90].

Scour consists of the removal of soil, be it locally or globally, around a given structure
supported by piles or piers. Scour will occur when the near superficial shear stress ex-
ceeds the critical shear stress at which sediments are transported. While local scour is the
soil removal only on the surrounding area of the embedded structure, global or general
scour is related to a general lowering of the ground over a big area. Local scour is mainly
due to local water flow changes, with the contraction of flow at the side edges of the pile,
formation of a horseshoe vortex at the base in front of the pile, the formation of lee-wake
vortices behind the pile, the generation of turbulence, the occurrence of wave breaking,
the occurrence of wave reflection, and the occurrence of wave diffraction all being re-
sponsible for an increase of the sediment transport capacity and forming scour holes as
sediments are removed. This soil removal hinders the ultimate capacity and stiffness of
the foundation, which can lead to resonant periods, as the fundamental natural frequency
can get closer to the excitation frequencies, as well as compromising the structure’s stabil-
ity. The structure’s overall dynamic response will then change due to a gain in flexibility
of the structure, as the embedment length gets smaller [30, 56, 59, 66, 89, 90].

The scour status is usually seen by the relation of S/d, where S is the scour depth
considering an initial embedment length and d is the pile or pier diameter. To fully
characterise a given scour situation, usually, the maximum scour depth and its exten-
sion around the structure are quantified. According to Prendergast et al. [89], who saw
scour influence on sandy soil, for values up to 0.5 (initial state), no significant influence
was regarded. However, for bigger values, as the phenomenon develops, a reduction in
the natural frequencies of the system was seen, with the looser sands being more affected
than denser ones. The relative density of sands is then important to evaluate the modifi-
cation of soil properties under scouring conditions. Due to their characteristics, sands are
more susceptible to severe scour, while clays do not tend to have significant scour depths
developed [69, 90].

According to Briaud et al. [91], the maximum scour depth that can be expected on
clayey soils will be very similar to the one verified for sands. However, the scour develop-
ment for clays is considerable slow when compared with sands. The location of the local
scour for these two types of soil will also be different. Scour on clays tends to develop on
the sides and behind the pile, while scour on sands develops all around the pile. Yet, these
investigators state that the understanding of why the maximum scour depth for these two
types of soil is equal is still missing. The influence of scouring on sands and on clays can
then be different. Mostafa [90] enumerated a few of these influences for both of these soil
types. Scour can:

¢ For sands...

1. Reduce the soil ultimate bearing capacity;
2. Increase the pile head displacement;

3. Increase the bending moment, with larger piles being necessary to make sure
that the pile yield stress is not exceeded.
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* For clays...

1. Lead to a more pronounced effect is observed on stiff clays;

2. Lead to a more pronounced effect is observed when higher loading amplitudes
are applied;

3. Increase the bending moment.

Scour and liquefaction can occur at the same time. As reported by Jiang and Lin [19],
these two phenomena influence the existing SSI. If liquefaction occurs with scouring, the
developed scour hole is considered unstable. This transforms local scour into general
scour. Likewise, scour is a difficult phenomenon to monitor. Jiang and Lin [19] saw that
scour influences more the rotation response of the structure than other dynamic responses.
As such, they stated that a good indicator of the scour status can be a correlation with the
rotation response of the structure.

As scour varies with time, and since the equilibrium scour depth can change with the
alteration of sea conditions (wave and current characteristics change), a time-evolution of
scour should be employed for a high accuracy prediction. The common approach to foun-
dation design is to consider the maximum scour depth, which corresponds to a conserva-
tive method. Jiang et al. [56] state that the opposite can also be true, i.e., considering an
overestimation of the scour depth in the foundation design can lead to a non-conservative
design. This statement results from a given underestimation of the maximum lateral ac-
celeration, displacement, and bending moment of the structure. Then, this approach can
be considered as incorrect, as equilibrium scour depths do not get close to the maximum
scour depth, since backfilling occurs. Backfilling consists of the sediment deposition on
the scour holes created. This material tends to have similar properties to the one that
has been removed, being possibly consolidated with time due to the compacting effect
that waves can have. Scouring and backfilling are two phenomena that occur in paral-
lel. Although some degree of lag between them can exist, with scour developing quicker
than backfilling, this is the reason the maximum scour depths predicted are not reached.
Consequently, the fundamental natural frequency of an OWT will change throughout the
evolution of these processes, until a given equilibrium state is achieved [59, 89].

Simplifying the scour conditions from a local perspective to a general one can lead to
the underestimation of the fundamental frequency of the structure. Jiang et al. [56] found
that, although a frequency underestimation occurred, an overestimation of the maximum
lateral acceleration and bending moment of the structure took place. The same authors
found that, when considering local scour dimensions, the main affecting parameter on the
natural frequencies was the scour depth, followed by the other characteristic dimensions:
scour-hole slope angle and bottom width. Damping considerations, even when consider-
ing simplified conditions, are more difficult to analyse [31].

When scour occurs, although some soil is removed as scour holes develop, the adja-
cent soil is compacted. This was found by Prendergast et al. [89], by Soren and Ibsen
[59], by Lin et al. [69], and by Jiang et al. [19, 56]. Consequently, the over-consolidation
ratio is expected to vary with depth for a scoured situation, as it is influenced by the sever-
ity of the scour. These modifications to the stiffness during scouring are also the result
of changes in the relative density and void ratio that come from the consolidation of the
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adjacent layers subjected to scour. This means that, although a given depth of soil is re-
moved, the superficial layers will now have increased bearing capacities. However, this
impact on the adjacent soil layers’ properties is limited to a given depth.

The main alteration in the soil properties comes from the increased over-consolidation
ratio on adjacent soil layers. This change in the soil properties comes from the unloading
process over the remaining soil. The increase in the over-consolidation ratio will then
increase the shear modulus and decrease the soil damping. The modification of the over-
consolidation ratio means that, besides the modification of the seabed geometry around
the structure, also a modification of the soil stress history occurs. As presented by Lin et
al. [69], although a significant reduction in the lateral resistance of the structure occurs
with scouring, the stress history consideration for the remaining soil leads to an increase in
the soil stiffness. This means that certain damping of the negative impact of scour occurs.
For the case of sands, the stress history due to scour was found to slightly increase the
friction angle, besides increasing the over-consolidation ratio. According to Jiang et al.
[56], only the global scour can be seen as affecting the soil properties, with the local scour
effects being negligible.

However, if scour protection is added, a stiff superficial layer is added to the founda-
tion soil. This, in turn, raises the fundamental natural frequency of the structure, as the
foundation becomes stiffer. Scour protection is used to prevent structural integrity prob-
lems due to scour during the lifespan of the OWT. According to Matutatno et al. [32],
sizing of the scour protection is a subject that still needs further research, as how scour is
predicted influences this protection design [32, 89]. Scour will occur quickly for sands,
slowly for clays and will be almost negligible for rocks. Scour protection can be com-
posed of either dumped stone riprap, stone or concrete pitching, soil-cement bagging or
grouted fabric mattress, with a horizontal collar/deflector on top. If a scour protection is
selected as consisting of rocks and stones, it is important to define the average stone size.
This will help characterize the scour protection and define the minimum armour layer
thickness. The scour protection has two layers: the armour layer and the filter layer. The
armour layer should be at least twice the average stone size. A scour protection consisting
of rocks is common. [32, 91, 92].

3.3.6 Gap formation

Besides what was previously presented in terms of cyclic loading, the act of repeatedly
moving the structure in different directions can lead to the creation of a gap. These gaps
develop mainly on top cohesive soil layers, where a reduction on the properties given the
cyclic loading effect makes the gap development easier. Gap formation will also influence
the structure’s behaviour and overall impedance, as it leads to a lack of contact between
the soil and the monopile over a possible significant surface area. As a result, a different
response will be obtained, with a reduction in the system’s stiffness being expected. This
phenomenon then influences the overall dynamics of the structure [25, 65, 66].
Following Pranjoto and Pender work [93], gaping can reduce about half of the lateral
stiffness of the pile when compared to no gap development. It has also been reported to
be a cause of the degradation of the soil stiffness since as the gap widens, it deepens. This
gap will increase further as the magnitude of loading and cycle number increase. A real
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example of this was observed throughout the tests performed for the PISA project, with
both McAdam et al. [66] and Byrne et al. [65] confirming gap formation and consequent
influence on the results obtained. According to Carswell et al. [85], gaping occurs as
the passive zone behind the pile/structure is loaded beyond the linear range, with the pile
being allowed to move freely when reloading occurs until new contact with soil happens.
Gap formation can also affect the water pore pressure distribution, as water fills the gap,
further affecting the surrounding soil stiffness [94].

Similar to the scour effect, gap formation can have different mechanisms according to
the soil type, as different resistances and consolidations exist. Boulanger [95] developed
a model where he accounted for gap formation resistance. This resistance took place as a
drag and a closure components, where an increased difficulty was introduced to account
for the separation between the soil and the structure. This model accounted for the resis-
tance of the soil layers (elastic and plastic components) against the structure movement,
the separation between the soil and the structure (gap formation), and the resistance when
the structure enters an area where a gap existed (drag component).

The model presented by Boulanger [95] was introduced as being viable for sand and
clay. However, gap formation for cohesionless soils (as sands) is difficult to predict, since
they are susceptible to cave in and close the gap formed. Still, according to Damgaard
et al. [31], some centrifuge tests performed with a pile embedded in sand demonstrate
that the soil does not completely cave in. Meanwhile, for clays, an unwanted effect of
gap formation is the formation of a permanent residual gap, resulting in an unsupported
pile region for small lateral loads. This region can continue to increase as time goes on
and the number of cycles increases. However, as a resistance to this separation exists,
an additional initial stiffness can be expected. As according to Gupta and Basu [40],
gap formation can be disregarded if accurate non-linear elastic soil models are consid-
ered, although some differences can be observed. This, however, requires necessarily an
elaborate method such as finite elements.

3.3.7 Stiffness and damping overview

Since the soil stiffness is linked to the shear modulus of the soil, as the shear modulus
reduces with increasing strain, so will the soil stiffness. Likewise, one can say that the
stiffness (or even the soil subgrade reaction modulus) decreases with the pile horizontal
displacement. A strain dependence can then be observed. When the Young modulus of
the soil reduces, higher damping can be seen. At the same time, a higher fatigue damage
equivalent damage occurs, since the fundamental frequency of the structure gets closer to
the frequency range that corresponds to wave loading [7, 13, 80, 96].

Prendergast et al. [89] affirm that a direct link between the soil vertical effective
stress and the soil strength and stiffness exists. As an excess water pore pressure develops
during, e.g., cyclic loading, a reduction in the effective stress occurs. This then means
that a reduction in the soil stiffness also happens, dropping the natural frequencies of the
structure. Meanwhile, Damgaard et al. [15] demonstrated that a correct consideration of
pore pressure generation can improve the predicted natural frequencies of the structure,
reducing the error to the measured natural frequencies of OWTs.

Although according to Zdravkovic et al. [73] the soil over-consolidation has no sig-
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nificant impact on the stiffness of the soil, recent research on high over-consolidated aged
marine stiff clays concluded that a relevant anisotropy of the soil elastic stiffness exists,
with the horizontal Young’s moduli exceeding the vertical values that can be measured
with any kind of test. Over-consolidation is reported to have a significant effect on the
dynamic soil properties when plasticity is involved, as the loading history is accounted
through it. Nevertheless, Prendergast et al. [89] saw that stiffness underestimation of
heavily over-consolidated soils can occur by using recommended values present in cur-
rent design codes [70].

In general, a higher soil stiffness can be obtained if less soil plastification occurs.
According to Achmus et al. [41], the initial stiffness of a given soil is not affected by its
shear strength. Guo et al. [14] reported significant differences in soil stiffness evolution
in terms of the soil type. For example, it is common a stiffness degradation to develop
as the number of loading cycles increases. However, for sand, it was seen that stiffness
increased, instead of decreasing. Reasons for this can rely on a consolidation of the soil,
leading to denser sand which, in turn, increases the soil stiffness. The same authors also
saw that increasing the loading rate would decrease the stiffness, as strain accumulation
of the surrounding soil decreases. Sand stiffness can then be increased with a high strain
cyclic loading, contradicting the general idea of stiffness degradation with plasticity.

Soil non-linearities can easily be regarded on the measured natural frequencies, as a
variation of the natural frequencies with loading can indicate it. These non-linearities are
usually linked to low frequencies, while for high frequencies, non-linearities lose pro-
nouncement and radiation damping increases. A bigger non-linearity will irretrievably
be associated with higher dissipated energy, increasing the material damping ratio as the
strain amplitude also increases. It is important to note that radiation damping is different
from material damping, as will be discussed in Chapter 4. As seen by Allotey and El Nag-
gar [97], the evolution of the hysteretic damping depends on the soil’s overall behaviour.
A reduction in radiation damping will occur for soil that degrades with time, while an
increase will occur for hardening soil. The small-strain material damping will increase
with the plasticity index of the soil. The material damping is evaluated using the soil’s
non-linearity. Its ratio can be calculated by performing the ratio of two areas: the area
within a hysteresis loop and an area of maximum potential energy stored in each cycle of
motion. In alternative, the Masing behaviour can be considered to evaluate the hystere-
sis loops that form for a given modulus reduction curve with strain and then obtain the
respective material damping [12, 63, 70].

Overall, damping decreases with the increase of the confining stress. In cohesive soils,
the obtained damping is associated with existing void ratios. Nevertheless, the contribu-
tion of soil damping depends on the relative stiffness found between the structure and the
soil, denoting the importance of SSI considerations. Just like for the soil stiffness, the
confining pressure affects the soil damping ratio that one encounters at a given founda-
tion. At the same time, a loading increase can increase the overall foundation damping
[12, 23, 98, 99].
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3.4. Applicable SSI Models

To achieve a high accuracy model, the soil should be modelled by resorting to a soil con-
stitutive law. Nevertheless, to implement this law, a finite element approach is required.
A finite element approach consists of a computational costly method, which is highly
undesired in the wind industry as design processes are wanted to be performed and vali-
dated in a relatively short time (when compared with the overall timeline of the project).
This means that a relatively simple approach but sufficiently accurate, such as the Win-
kler approach, is desired. The cost per accuracy that this method allows together with its
simplicity vastly surpasses the costs needed to achieve a very high precision prediction
offered by methods such as the finite element approach. Different ways are possible to try
and achieve this goal. Jia [96] defends that the action of the lateral soil resistance along
the leading face of the pile and the shearing along the toe of the shaft and around the shaft
perimeter should be included in order to achieve a correct model.

Two main types of models can be employed to consider the SSI: continuum ap-
proaches and subgrade reaction approach. Continuum approaches can be based on FEM
analyses, as the soil is treated considering a certain constitutive law. A continuum anal-
ysis is then contemplated for the pile embedded in the soil problem. This problem can
be solved analytically if the soil is comprehended as a linear material. If not, the solu-
tion is only obtained through numerical solving. There are different subgrade reaction
approaches, with the main idea being the relation between a local lateral resistance and a
local lateral displacement using individual springs to model this relation. Different pro-
cedures can then be used to consider this relation [4].

From a computational point of view, as Sturm et al. [24] reports, the design of OWT
foundations resorts to simplified and analytical-based methods, instead of FEM-based
ones. According to Malekjafarian et al. [23], there are different foundation models that
can be employed considering this:

* assuming a rigid foundation (clamped at mudline);

* macro-element/super-element;

* apparent fixity length (equivalent beam and clamped at the bottom);
* pile with discretely distributed springs (Winkler foundation).

Conventional (simplified) design models can, however, be unreliable and non-optimal,
leading to substantial errors. In some cases, linear theories are not adequate to predict the
displacements in a precise way, with the necessity of introducing non-linearities. As
Gazetas [100] states in its work, the computational method selected for obtaining the
dynamic behaviour of the structure should reflect the key characteristics of the foundation
and surrounding soil [24, 101].

There are different approaches that can be regarded when analysing a Soil-Structure
Interaction. The offshore wind turbine problem can be analysed by considering only one
plane of action to all three main planes of action. A common approach considers one
plane of action, as it is more computationally efficient.
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The standard p-y method from API and DNV considers only one plane of action.
However, this standard was developed for slender piles, with L/d ratios relatively high.
As such, the application of this standard leads to a considerable error in the calculus of
natural frequencies of the structure, as can be seen in the work of Damgaard et al. [15].

As presented by Jia in Soil Dynamics and Foundation Modelling: Offshore and Earth-
quake Engineering [102], different levels of modelling can be admitted. Five distinct
levels of modelling can be regarded:

Level 1

Level 2

Level 3

Level 4

The stiffness in each degree of freedom is calculated assuming that the monopile is
fixed at a given depth. It can also be performed by applying a small change on the
displacement and moment at the pile head, followed by a numerical calculation of
the pile stiffness. This approach considers a linear spring stiffness. Consequently, it
cannot be applied to situations when the pile is subjected to considerable dynamic
forces.

A substructure technique is employed. This means that the pile is cut at its top and
replaced by a set of non-linear springs and dashpots. Three phases are then needed:
reduction phase, where pre-calculated load vectors and correspondent stiffness ma-
trix are applied to the pile heads; solution phase, where the determination of the re-
sponse of the pile takes place to then apply on the considered super-structure at the
interface between these two elements; re-tracking phase, where the forces obtained
at the top of the pile should be equal and opposite sign to the ones calculated for
the super-structure. The displacement applied from the pile will then allow the re-
tracking of the response and loading on the super-structure. This level of modelling
combines a (non-)linear analysis of a superstructure with a non-linear analysis of
a pile foundation subjected to the calculated forces from the super-structure prob-
lem. The substructure approach allows an exact solution for a linear system and
can approximate non-linear effects by using an iterative process with equivalent
linearization.

Each pile is modelled as a beam finite element. The SSI is considered by mod-
elling non-linear springs. This level of modelling can also include the modelling of
super-structures. Nevertheless, the most common modelling approach associated
with this level is a beam on a non-linear Winkler foundation. A direct approach to
the problem can then be assumed. The soil is represented by a set of springs and/or
dashpots. The consideration of this soil modelling reduces the computational ef-
forts required for modelling and consequent analysis. This level of modelling also
allows the consideration of non-continuous contact, such as slippage and gap for-
mation, between the pile structure and the surrounding soil. Although this is a con-
venient and versatile approach for pile foundations, the subgrade reaction modulus
is usually only governed by the pile displacement at the considered depth, as shear
transfer between two adjacent layers is disregarded. Besides the inherent difficulty
of determining the soil representing spring stiffness, problems when considering
seismic motions also exist.

The modelling takes place by considering that the pile is embedded on a homoge-
neous elastic continuum. Each pile is represented as an infinitely thin linear elastic
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Level 5

strip embedded in an elastic medium. The pile-soil interface can be modelled by
one of the two methods: considering contact elements, where friction and adhe-
sion parameters are considered, or considering interface elements with normal and
tangential stiffness parameters.

Similar to the previous level of modelling, a vast complexity is considered in this
approach. The modelling consists on a finite element method, which can account for
3D interaction. The soil is considered as finite elements with a complex constitutive
law, and the pile is admitted as a beam or solid finite element. Both linear and
non-linear, elastic or plastic situations can be considered in this level of modelling.
An analysis considering a fully coupled soil-pile-super-structure system is possible
without reverting to the independent calculus of soil or super-structure responses.

3.4.1 Rigid foundation approach

The rigid foundation approach does not consider SSI effects. This is the simpler and
easier way to represent an OWT problem, as the model will be represented as shown in
Fig. 3.7. According to DNV [58], the consideration of the fixed support at the mudline
level of the offshore wind turbine can lead to an error up to 20% in natural frequencies
obtained. This was also observed in the work of Damgaard et al. [15]. This consideration
essentially neglects the SSI phenomena, leading to an overestimation of the fundamental
frequency. Still, it is valid as a first estimation, but not valid to use in further modal
analyses that may be needed in the design of the OWT. The first estimation can be used at
a preliminary stage of the design to decide on wind turbine specifications and foundation
type [30, 34].

Fig. 3.7. Rigid foundation consideration on OWTs.

By considering the SSI influence, foundation flexibility is introduced, reducing the
system’s fundamental frequency. This will also change the damping ratio, as soil damping
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is considered. A flexible foundation allows the existence of tower resonance peaks at
lower frequencies than when considering a clamped situation at mudline [11, 34].

3.4.2 Apparent fixity approach

The apparent fixity length model uses the introduction of an equivalent beam to increase
the OWT height to the level of clamping. The flexibility introduction due to this beam is
correlated with the flexibility gained when considering the foundation. Fig. 3.8 presents
this transformation. The beam length and properties depend on the soil properties. The
objective is to have a structure that produces the same overall dynamic response as the
actual structure. However, according to Koukoura et al. [103], results from this method
present large variations for different soil conditions. Therefore, inaccuracies of the natural
frequencies increase [11, 16].

Fig. 3.8. Transformation of the OWT to a SSI-considering model by the apparent fixity approach.

This problem approach is usually linked to simplifications of the structure geometry,
which introduces errors even before the method is applied. It is commonly seen in SDOF
models this kind of approach to account for the SSI influence on the natural frequencies
as it decreases the fundamental frequency with the increase of the system’s flexibility.
Difficulties regarding the implementation of this method to dynamic problem situations
also exist. Consequently, although it can be the simpler method for SSI accountability,
the inherent error and existing limitations lead to its relative unpopularity when accuracy
is desired.

3.4.3 Super-element approach

Macro or super-elements can represent the soil response in a linear or non-linear fashion.
Usually, a linear approach is used. These are often used for shallow foundation represen-
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tations. This model approach consists of substituting the foundation by a matrix of mass,
stiffness and damping that represents the influence of such support at the mudline [62].

These models require a lower computational effort than the most common approach
(Winkler foundation), being also easier to calibrate (especially in layered soils) due to
their reduced complexity. It is important to understand that, although an easier calibration
is possible using this approach if a foundation parameter is changed, a new calibration
from scratch has to be performed.

The stiffness and damping of the foundation can be seen as an impedance. The
impedance functions that result from here are frequency-dependent and complex-valued,
where the real part will represent the stiffness and the imaginary part the damping [34].

If a static problem is considered, the damping component will not appear, with the
impedance functions being composed only by the real part. A simple mechanical model
of the wind turbine can be considered, as in Fig. 3.9, replacing the whole foundation with
a set of 4 springs. These springs restrict the lateral, vertical, and rocking movement of
the structure in a simplified one-plane problem. The formulation to reach these spring
moduli are obtained from continuum-based numerical analyses or analytical studies and
then described by algebraic equations. Ko [30] stated that these can easily be determined
through the use of the second Castigliano’s theorem [1, 40].

Fig. 3.9. Idealization of offshore wind turbine’s foundation through the use of a super-element.

Each represented spring corresponds to a restricted direction. If a dynamic case is
studied, these springs, due to the dynamic SSI, depending on the frequency and on the cy-
cles of loading. Different soils have different characteristics and, consequently, different
behaviours that should be taken into account by the equivalent springs. According to Ko
[30], for eigenfrequency analyses, the vertical stiffness can be disregarded as the lateral
response is the predominant response [1, 40].

A proven example of this approach consists of the RedWin project. This project
utilises a macro-element at the mudline to simulate the foundation influence. The macro-
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element considers the soil response as well as the embedded monopile response. Con-
siderations were made in this project to account not only for monotonic loading but also
for cyclic loading. For example, the PISA project, a homologous project considering the
Winkler foundation, is only valid for monotonic loading, although cyclic considerations
are being investigated [24].

3.4.4 Winkler approach

The Winkler foundation consists of the substitution of the surrounding soil by a series of
springs across the foundation depth, where a beam supported by a series of uncoupled
lateral springs is modelled. Fig. 3.10 presents this approach. This method allows the
implementation of non-linear springs, i.e., consideration of the non-linear behaviour of
the soil. This foundation representation discretises the foundation, as each node will have
a spring associated. Reducing the interval of discretisation will improve the accuracy of
the simulation [16, 24, 86, 97].

Fig. 3.10. Winkler model approach on the soil resistance applied to an OWT support structure.

Although Wang et al. [16] defend that interaction between springs is accounted for
since their stiffness comes from a formulation based on pile experimental tests, as these
tests were performed on homogeneous soils, the interaction between springs can only be
considered for a given soil type. No interaction with adjacent springs can be considered in
this model for a layered type of soil. This can be a drawback, as some degree of coupling
is expected to occur in reality due to different properties between different soils as the
soil particles will be different and behave in contrasting ways. Byrne et al. [49] state that
the Winkler approach, to a given level, can be seen as an oversimplification of the actual
response of the soil.

This approach on the foundation issue is an economical way of reaching a satisfactory
solution. As it can account for soil non-linearities without significant computational effort
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and allows a detailed structural modelling, it’s a very popular method. The implementa-
tion is relatively simple and the consideration of other phenomena, as scour, is easily
performed. The Winkler approach can be seen as a good compromise between model
accuracy and computational expense [23, 68, 86].

Boulanger et al. [95] proposed a configuration of parallel and series springs to rep-
resent the non-linear soil behaviour as well as the gap formation phenomenon that can
occur on pile foundations after a given number of cycles. This configuration was used
in tandem with a dashpot to include soil damping for a beam on a non-linear Winkler
foundation model. At the same time, Gupta and Basu [40] stated that gap formation is
not very relevant, as the tight SLS restriction of maximum head rotation of 0.5° does not
allow significant gaps to form. As such, in their work, it was concluded that a non-linear
elastic analysis is sufficient to obtain a good prediction of the OWT response.

Uncertainties are still inbound regarding the utilization of this approach for dynamic
applications. The large deformations from the non-linear and inelastic behaviour of the
soil affect the input parameters of this model. The variation of these parameters in these
conditions is the main uncertainty [17].

This approach is regularly seen as a versatile and efficient way to consider the interac-
tion between the soil and the structure, as an alternative to FEM approaches. However, the
spring stiffness representing this interaction depends only on soil properties and not on
the pile properties, which can be seen as questionable according to Damgaard et al. [15].
A bunch of soil influencing factors that might alter soil stiffness are also commonly dis-
regarded when employing this kind of approach, although some correction factors were
developed and presented in the literature.

Different soil modelling approaches besides the Winkler model can be used. Dutta and
Roy [104] enumerate in their work different soil modelling approaches that can be used
for common soil-foundation-structure systems, as well as a critical review of them. These
different approaches allow different levels of accuracy from the foundation perspective
as they try to surpass the limitations presented by the Winkler formulation. Although the
Winkler model is simple for implementation, a given lack of continuity amongst springs
exists, as it is based on independent elastic springs. Fig. 3.11 presents all the studied
formulations by Dutta and Roy [104]. The quantification of some of the used properties
on these models can be, however, difficult. Even for the Winkler model, the determination
of springs’ stiffness in N/m3, also known as the coefficient of subgrade reaction, can be
complicated as different soil volumes are mobilised according to the foundation area of
contact with the soil.

3.4.5 FEM approach

As already stated, the complexity and computational time/cost of finite element models
are the main barriers to their regular use, although they allow an increased accuracy by
implementing constitutive models. Due to its computational cost, this method cannot be
implemented in an efficient way with structural dynamic codes (aeroelastic simulations)
that give the structure response [25, 63, 85].

Simplifications on the constitutive models can be performed to try and reduce the
computational cost associated. Validity over frequency and load spectra, consistency, the
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physical meaning of parameters and simplicity are all factors that should influence the
selection of the constitutive law for a FEM approach. Still, as full-scale and even small-
scale tests can be expensive or incomprehensible complicated to perform, finite element
models are more common in investigations. These can capture well the interaction be-
tween the soil and the structure, being used as a control reference for a given study. As
stated by Versteijlen et al. [27], only by modelling the pile in a 3D continuum can the true
interaction mechanisms between the monopile and the surrounding soil be captured [25,
40, 63, 85].

Although, according to Sturm et al. [24], the FEM approach is the only method that
provides reasonable results when predicting the load-deformation response of the foun-
dation, the Winkler approach is much more common as it is a versatile, efficient and
economical method. However, current projects regarding correct soil modelling for the
foundation design of OWTs use both approaches. The PISA and RedWin projects are
projects that utilise FEM to calibrate a set of parameters of their model and have a better
fitting of the predicted soil reaction. The main advantage is that two approaches are avail-
able in these projects, one where FEM is used to calibrate the reaction curves and another
where FEM is not necessarily needed [24, 25, 63].

As has been given to understand by Stieng et al. [105], the reduction of computational
time is a constant battle in OWT design and analysis in the time domain. The neces-
sity to run a big variety of load cases in order to certificate an OWT makes this a very
long and time-consuming process that demands a considerable amount of computational
effort. One option to reduce the computational time consists of simulating using the fre-
quency domain instead of the time domain, being considerably faster than time domain
solving. However, a lack of precision regarding fatigue estimations is noted, as it does not
specifically capture time variations within the system. It is also important to regard that
running a dynamic analysis is approximately three times slower than a static analysis, as
was verified by Gupta and Basu [40].
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3.5. Soil Modelling

For any geotechnical associated problem, a realistic geometry, ground conditions, bound-
ary conditions and material behaviour are required as model inputs to reach an accurate
prediction of the analysed system relating to soil interaction. One of the most important
soil parameters to define soil stiffness is its shear modulus. Every work on soil stiffness
has considerations regarding the shear modulus of the soil analysed.

According to Verrujit [106], to be able to determine the response of a foundation
to vibrations, the essential soil parameters are its density, shear modulus, and Poisson’s
ratio. Gazetas [100] has presented a set of formulae to determine, based on these soil
parameters, the equivalent springs (as seen in Fig. 3.9). Although there is literature
regarding this type of foundation modelling (super-element approach), this section will
only be comprised of foundation modelling concerning the Winkler approach. Still, as
offshore in-situ tests are expensive, physical and statistical uncertainties related to soil
properties commonly coexist with modelling uncertainties of soil modelling [13, 81].

When considering a monopile foundation, along its length, different soil mechanisms
occur. The nature of the response of the monopile influences this behaviour. While flex-
ible piles, as the ones studied for common oil and gas applications, the monopile acts
as clamped at its bottom. However, as wider and shorter piles in relative terms (low L/d
ratio) are used, a more rigid behaviour is observed, with all of the piles rotating in relation
to a given point. Multiple studies demonstrate that this pivot point stabilizes between z/L
ratios of 0.7 to 0.8 [46, 65, 66, 79, 80].

Zhang et al. [7] studied the application of a p-y curve formulation dependent on the
soil mechanism that occurred. However, poor physical meaning and definition of the
pivot point of the rigid pile are drawbacks of the proposed approach. It is relevant to
mention that different soil reactions may exist due to different soil failure mechanisms
at different depths. Wang et al. [48] used a similar approach, using different correction
parameters for different zones of the pile length, as they verified that the plane rotational
failure mechanism affected the soil reaction applied onto the pile.

Throughout the PISA project [6, 49, 50, 64, 81, 82, 107], it was discovered that a set
of different soil influences play a vital role in the model approach. The consideration of
not only the lateral soil reaction through the modelling of laterally distributed springs but
also by modelling a distributed angular spring and local base lateral and angular springs
promoted a close representation of the total soil reaction when compared with 3D FEM
studies and large-scale tests of monopiles. As monopiles tend to behave in rigid form,
significant displacement at the pile end (bottom) can be seen, while flexible piles have
essential no displacement at such relative depths. This is an example that strengthens the
assumptions performed in this project.

The initial stiffness of the springs that represent the soil reaction force is dependent
on the geometry, shape and material properties of both the structure and the soil. Static
analysis is sufficient to reach the stiffness values desired. As stated in the previous section,
the stiffness can also be represented as a dynamic stiffness (complex number stiffness),
that includes the damping as well. This quantity also depends on both the soil and the pile
used [27, 40].

The most common way of treating the monopile modelling with consideration of the
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soil is the Winkler approach. As such, the p-y curve theory is regularly implemented
by allowing the characterization of the non-linear interaction between the soil and the
surrounding soil. Different formulations exist regarding the construction of p-y curves
since considerable errors have been proven when using oil and gas p-y curves for OWT
applications. Considerable differences between the piles used in these industries lead to
this outcome. Considerable differences were also seen by Zhang et al. [51] between the
springs used for horizontal beams on the surface and vertical embedded beams [69, 82].

Soil cyclic effects are often not considered. The RedWin and PISA projects do not
include these effects. Soil cyclic effects should, however, be considered for the lifespan
performance evaluation of the OWT, as stiffness degradation or consolidation can occur,
depending on the soil. Usually, the consideration of these effects is performed by FEMs,
where an accurate pore pressure accumulation and cyclic degradation can be modelled.
Cyclic effects underline the importance of soil time history [24, 85].

Gap formation is usually not considered for simplicity’s sake, as it is complicated to
introduce in the model in a proper way since non-linearities are introduced. This can
be seen in the work of Boulanger et al. [95]. Besides this Winkler model, only FEM
approaches were seen to represent this phenomenon. Damgaard et al. [31] also mention
this phenomenon, stating that a shear drag will develop along the side of the pile when
the pile returns to the initial position [25, 93].

Different ways exist to model and formulate the soil reaction curves. According to
Byrne et al. [81], a simple approach consists in considering the soil as an elastic medium,
relating it only to the shear modulus, while more sophisticated approaches consider a non-
linear elastic model, including degradation of properties with strain level. Different soil
testing can be used to soil properties definition needed in the different formulations.

3.5.1 Shear modulus profile

Prendergast et al. on a series of works (Refs. [17], [68], and [89]) presented different
considerations on considering a stiffness profile derived directly from strength variation
of the soil with depth. This approach regards the importance given to the stiffness of top
layers and does not overestimate at the same level the stiffness of bottom layers as some
formulations do. Another advantage of this approach is a degree of independence from
the type of soil stratum studied, as no different formulation is needed if a soil stratum is
composed of clay and sand or only one of those soil types.

This approach considers the small-strain shear modulus profile with depth and trans-
forms it as subgrade reaction modulus/initial stiffness. The transformation can be per-
formed by resorting to different sets of equations. The most common equations were
studied by Prendergast et al. [17] and are presented in Table 3.1. According to the same
authors, the representation of the stiffness across the foundation using the shear modulus
profile is more realistic of the offshore soil conditions and reflects the importance of soil
removal due to scour.

Soil stiffness is a property that is strain-dependent. However, in modal analyses, the
small-strain assumption is sufficient, and the small-strain shear modulus provides a good
estimation for stiffness calculations. It is important to understand that soil stiffness is
expected to depend on soil type, the geometry of the structure and loading type [27, 68].
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The small-strain shear modulus depends on the density and stress level of the soil, as
well as on ageing and cementation. The number of factors that shear modulus depends
on makes it difficult to predict, but geophysical measurement techniques can be used to
reach reliable values of the small-strain shear modulus. These measurements are usually
not very expensive when comparing them with other soil experiments. Multiple ways
exist to estimate the shear modulus through measured values of different soil properties.
Soil wave propagation velocity and measured cone tip resistance are the main examples
of properties to reach the small-strain shear modulus, as has been broached earlier in this
Chapter [68].

Using experimental pile tests, Prendergast et al. [68] performed a comparison between
this method and the API Standard regarding scour. They reached the conclusion that us-
ing the API approach when scour phenomenon occurs would underestimate the frequency
for low scour depth. Meanwhile, their proposed method agreed well with measured fre-
quencies for different scour depths. The resulting soil stiffness profile can be seen in Fig.
3.12, where these two approaches are compared. Special attention should be provided to
the fact that how the soil properties, mainly the shear modulus, are obtained influences
the estimated stiffness profile.
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Fig. 3.12. Stiffness derived from the shear modulus profile versus from the API Standard [68].

The different theoretical approaches to considering the soil stiffness from the mea-
sured soil moduli are presented in Table 3.1. These were all used by Prendergast and
Gavin in their work [17] to study the best formulation. However, all of these are related to
slender pile considerations. A slender-like pile (aspect ratio above 10) was studied in this
paper. The reader should then acknowledge that the conclusions from this paper cannot
be directly extrapolated to the present work.

59



Table 3.1. Soil stiffness with soil properties as seen in the work of Prendergast and Gavin [17].

Investigator credit Formula
. 70108
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Klopple and Glock ks = d(lzisvs)
Selvadurai ks = d(()fffé)

3.5.2 API Standard

The API Standard utilises the p-y method. It’s based on a series of p-y curves that were
formulated considering long and small diameter piles subjected to a limited number of
cycles, i.e, it’s based on soil test results and empirical correlations. These piles were
tested while embedded in homogeneous soil. Good accuracy regarding the pile head
force-deflection response is obtained when employing this approach on piles similar to
the ones that gave origin to the p-y curves formulation presented in the API Standard.
This approach tends to behave in a conservative manner. While undrained conditions
were assumed for clays, for sands a drained condition was assumed when developing the
p-y curves from testing [9, 15, 24, 48, 74].

This method considers a beam on nonlinear Winkler springs, not accounting for the
continuous nature of the soil. As stated before, this method applied for OWT has some
limitations that lead to an unsatisfactory performance (inaccurate results). It should be
noted that the method of installation influences the overall soil reaction and that the p-y
curves in their normal formulation do not include this effect. According to various lit-
erature, horizontal deflections on monopiles with low L/d ratios are underestimated and,
for small operational loads, underestimations on the foundation stiffness happen. How-
ever, these behaviours depend on the type of soil and the extension of displacements. As
identified by Wang et al. [79], the API Standard led to an underestimation of the stiffness
and lateral ultimate capacity of a low L/d ratio pile embedded in soft clay. Meanwhile, as
identified by Sun et al. [80], the same standard leads to an overestimation of the initial
stiffness for sands [1, 2, 46, 48].

However, independently of the pile diameter and length, the API approach can predict
in a satisfactory way the bending moment profile. In some cases, an underestimation can
also be remarked for increased depths. Wang et al. [76] stated that this could mean an
incorrect model of the p-y curves for this depth for large diameter piles. The overestima-
tion of stiffness that also occurs at high depths can be seen as a supporting factor in this
matter [48, 76].

Versteijlen et al. [27] stated that different soil reactions could become relevant as the
L/d ratio decreases. This would explain errors that occur when using this standard oil and
gas approach on piles from the offshore wind industry. This is also the base for the PISA
design model, as mentioned later in this work. According to Wang et al. [76], although
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there is now evidence of the relevant contribution of other resistance components, the
lateral resistance is still dominated by the laterally distributed reaction.

The effect of pile diameter is not considered in the common p-y curves formulation.
As this is the main difference between the API approach and the real cases, a variety of
modifications have been proposed to include this factor. Damgaard et al. [15] have seen
in validated laboratory tests that the initial stiffness of p-y curves are highly dependent on
pile diameter dimensions. As well, the same set of p-y curves are usually used indepen-
dently of the loading case (either if it is a loading, unloading or reloading case, the same
formulation is used). This neglects the effects of permanent deformations and soil damp-
ing that may be relevant. As a variable soil stratum is usually the case for embedded piles,
different reaction magnitude due to different phenomena (like soil layers interaction) can
lead to dissimilarities when comparing with unmodified p-y curves [4, 15, 80].

Modifications regarding a better prediction of the ultimate soil resistance, correction
parameters, fitting parameters, and others exist to better capture the soil reaction for large
diameter piles. Achmus et al. [41] verified that the common API method underestimated
significantly the initial stiffness for sands at shallow depths while taking the Thieken
and Kallehave modifications provided better predictions. The Kallehave modification
accounts for a relation between the strength and the stiffness of the soil. The Thieken
modification accounts for small strain soil stiffness, leading to a stiffer response than
the Kallehave approach since the latter cannot relate the small strain stiffness with the
oedometric stiffness.

Damgaard et al. [31] state that, for modal analysis, a common way to estimate the
spring stiffness considered for soil modelling consists of linearising the non-linear p-y
curves. This linearization can be performed by considering the initial soil stiffness of the
non-linear springs or by using the secant or tangent soil stiffness for a given situation.
Even when considering cyclic loading (un and reloading paths), a good estimation can
be obtained by using the initial stiffness from monotonic loading. Carswell et al. [85]
recommend that, for large loads, the fundamental natural frequency determination should
be performed by using the secant stiffness of the p-y curves.

According to the Standards API [108] and DNV [43, 47], Eqgs. 3.8 and 3.9 present
the standard force per unit length formulations for sand and clay, respectively, for a static
situation. Through these, it is possible to define the initial stiffness of a given soil.

Kini
p=A-pytanh ( ¢ y) (3.8)
A-py
2\ 173 _
Pu >y > 8y

Different formulations can be encountered for dynamic/cyclic situations. For the case
of sands, only the A parameter is modified, with a different definition being employed.
However, for clays, a different formulation exists from a given lateral displacement. Eq.
3.10 presents the formulation for a depth where the soil bearing capacity increases with
depth, while Eq. 3.11 presents the formulation for a depth where the soil bearing capacity
is considered constant. The depth of transition from which the soil bearing capacity can
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be considered constant is defined as zg.

1/3
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To reach the initial stiffness of a given soil, as presented in Eq. 3.12, a derivation in
order to the lateral displacement of the force per unit length is necessary. After deriving,
the lateral displacement is assumed equal to zero. For sand, the formulation is simplified
to what is seen in Eq. 3.13, where a linear evolution exists with depth.

_dp

K =
dy

(3.12)

y=0

/

sand = kiniz (3.13)

Although it is possible to reach an initial stiffness for sand through the formulation
presented, for clay this is not possible. If the same process is used, the denominator of the
expression will be zero, leading to an undefined case. Consequently, there are common
stiffness estimation expressions that allow the quantification of the initial stiffness of this
soil type. Eqgs. 3.14 and 3.15 present the most common expressions:

p
c
0.23p
clay = 0.1ycu' (3.15)

If a similar approach is performed without taking the lateral displacement as zero, i.e.,
just deriving the force per unit length for clay soil, Eq. 3.16 is obtained. It was observed
that a good fitting with Eq. 3.15 was achieved when a lateral displacement of 0.001
times the diameter was considered. Consequently, and avoiding the fact that different
coefficients are necessary to define an estimation for clay stiffness, the second presented
stiffness estimation for clay is more appropriate and easier to use/define.

Petay _ Pu (&)2/3 (3.16)
dy 6y \ ¥

With the general formulation defined to acquire the initial stiffness of the soil, atten-
tion should be provided to the quantification of the different necessary values. These can
follow what is present in the Standards or use the modified and proposed expressions
from different literature. In a nutshell, Table 3.2 presents all the considered relevant and
seen expressions for sands, while Table 3.3 presents all the considered relevant and seen
expressions for clays. Further modifications exist on the literature using a set of ratios/di-
mensionless parameters. Are examples of that the Sgrensen [109, 110] and Kallehave
[111] approaches on the sand stiffness to account for the rigid behaviour of the structure
on the slender-defined API standard curves.
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Table 3.2. Sand proposed expressions, as according to Refs. [43], [48], and [76].

Parameter Formula Ref.
Kini (0.008085 924 26.09) 105 [76]
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Table 3.3. Clay proposed expressions, as according to Refs. [7], [43], [85], and[112].

Parameter Formula Ref.
Ve 2.5¢€.d [112]
9s,d , 7> zr
Pu (Nposu+7z)d [7]
0.25, stiff clays
Jclay Y [85]
0.50, soft clays
1.35
Ny Ni — (Ni —N») (1 - ﬁ) ~(1-0)  while Ny SNy
Npqg =9.14+2.80 , for remaining cases
N 11.94 [7]
N> 3.22 [7]
oy 14.5 7]
0, smooth interface
07 [7]

1, rough interface
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3.5.3 PISA design model

The PISA design model rises from the questionable accuracy provided by only consider-
ing a lateral distributed load as common p-y curves methods do. The PISA method can be
seen as an extension and improvement of the common p-y method. This model introduces
the inclusion of the resistance from the base shear force, base moment and skin friction,
as seen in previous onshore applications. As such, the PISA design model considers four
types of springs to simulate the soil reaction [48, 82]:

* Distributed load reaction - in any way similar to what is seen in common p-y curves,
this component relates the distributed lateral load applied to the foundation and the
lateral pile displacement; as such, similar functions to the common p-y curves are
used.

* Distributed moment reaction - rising from vertical shear stresses developed across
the pile length, this component relates a distributed moment applied to the pile with
the pile cross-section rotation.

* Base shear reaction - it relates a base shear force with the lateral displacement at
the end (bottom) of the foundation.

¢ Base moment reaction - it relates a base moment with the rotation at the end (bot-
tom) of the foundation.

The distributed angular spring, which is the main innovation in this model, is related
to vertical tractions induced on the pile perimeter. These result from existing friction be-
tween the soil-pile interface and are expected to be related to the local distributed lateral
load, as vertical displacements occur caused by local rotation of the pile’s cross-section.
Vertical relative movements of active and passive soil wedges can also contribute to these
displacements. However, vertical loads resulting from these vertical tractions are disre-
garded [49, 107].

As literature states that different reactions could exist for low aspect (L/d) ratios, the
inclusion of these lateral resistance components in the model rises the fundamental fre-
quency of the structure. Then, this approach does indeed close the gap between the pre-
dicted and measured responses of piles with lower aspect ratios [78, 82].

A robust model is achieved by using a Timoshenko beam theory, including the influ-
ence of shear strains on the overall pile deformation. As soil reaction curves will not be
unique, this approach allows appropriate curve definition from dimensionless soil vari-
ables, followed by FEM calibration. Throughout the development of the design model,
no imposition regarding the parametric curve form was performed, allowing other func-
tions to be implemented. Undrained conditions were considered in this design model. No
effect from the installation method was assumed, as a ”wished in place” consideration
was performed [49, 78, 107].

The PISA design model neglects the effect of the vertical loads due to the structure
weight, as its application does not vary, while representing a small fraction of the ver-
tical capacity of the foundation. The model then assumes that the lateral behaviour is
independent from these vertical loads.
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Some degree of limitation exists when applying this design model to a layered soil
stratum. As a variety of soil is in order, the implementation of the rule-based approach of
the method allows for a faster running time of the problem. However, worse results are
obtained, as worse fitting is obtained in relation to the real case. Burd et al. [78] studied
the application of this design model to non-homogeneous strata. Although a satisfactory
estimation was obtained when comparing the results with numerical 3D results, the model
performed worse for cases that involved combinations of very soft clays and very dense
sands. As a consequence, a possible degradation of the overall soil stiffness should be
modelled as strong layers are degraded by softer layers in terms of strength [81].

The tests that were performed for further comparison and calibration of the model
developed were conducted by applying an excitation in a single plane. These tests were
performed using a monotonic loading. As such, the PISA design model was only devel-
oped for this intent, i.e., it is not applicable for cases where load amplitudes exceed the
elastic range. Further development is underway to allow the extension of this model for
cyclic loading [24, 113].

After calibrating, a 1D finite-element model is achieved, where the OWT is repre-
sented as a line mesh of Timoshenko beam finite elements. The soil reaction is introduced
by calibrated parametric functions that relate the soil reaction to a given local lateral dis-
placement or rotation. The fidelity of this 1D model is, however, limited: the utilization
of a Winkler-like approach does not account for every relevant SSI mechanism; simple
functions are used to explain parameters depth variation; imperfect fitting during the cal-
ibration [49].

In alternative to the calibration method, a rule-based method was devised to further use
the PISA design model in soils where calibration cannot be achieved or a fast estimation
is needed. It relies on strength and stiffness parameters, as the soil reaction curves are
based on predefined functions that depend on the soil type. Questionable responses can
be obtained using this approach, as a poor fitting to the actual soil reaction curves is
expected using this approach [82].

Burd et al. [107] verified that for shallow depths/large displacements, a post-peak
softening occurred. The authors linked this to a soil dilation phenomenon as represented
in their calibration analyses and load numerical data.

According to Wang et al. [76], the PISA design model provides a good estimation
of the ultimate bearing capacity and correctly accounts for the diameter and aspect ratio
influences on the SSI. At the same time, the same authors state that an overestimation
of the structure response can occur. The model leaves open the possibility of different
effects integration, such as cyclic loading, multi-directional loading, densification, age
hardening and others. Byrne et al. [82] state that cyclic loading consideration is possible
by using methods such as the Masing rule or through incorporation in kinematic hardening
models. Still, further improvement is needed as stated by Wang et al. [76] and the own
design model developers [82].

The rule-based method of the PISA design model imposes the utilization of a set of
empirical equations that are based on a specific type of soil. This means that errors are
expected to exist when employing them on other soils, even if they are of the same type.
The p-y curve used in this model is comprised of dimensionless parameters to make it
a unique formulation for both sand and clay. This formulation can be seen in Eq. 3.17,
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where the considered parameters are exposed in Table 3.4. Performing the same approach
on initial stiffness as seen previously on the API Standard, a common expression can be
reached for both sands and clays. This is exposed in Eq. 3.18. Table 3.5 summarizes all
the needed quantities to allow the implementation of this design model in a given soil.
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Table 3.4. PISA design parameters as according to Burd et al. [78].
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Table 3.5. PISA ruled-base method necessary quantities for sand, soft clay, and stiff clay as

according to Burd et al. [78].

Soil type | Parameter Formula

n 0.917+0.06193D,
cong | kesa 8.731 —0.6982D, —0.9178%
D 6,d [0.3667 +25.89D; +(0.3375 — 8.9000D;) |
¥ 146.1 —92.11D,
n 0.7204— 0.002679%
kpisa 12.05 — 1.5475
Softclay | sud [7.743 —3.945 exp —0.84564]
Vu 173.8
n 0.9390 — 0.03345%
, kpisa 10.60 — 1.6505
stffclay | sud [10.70 —7.101 exp —0.30852]
9 241.4

3.5.4 Stiffness and damping effects

In order to guarantee that the simulation correctly predicts the structure behaviour, cor-
rect model inputs have to be introduced. This has substantial importance when talking
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about the stiffness assigned to the lateral springs that replace the soil surrounding the
OWT monopile. From a modal properties analysis point of view, as performed by various
authors, the estimation of a small-strain stiffness (that can also be regarded as initial stiff-
ness), is sufficient to reach the fundamental natural frequency of the structure. The initial
stiffness can be defined as a secant stiffness that corresponds to a normalised mudline dis-
placement of 0.001, while a secant stiffness will be the stiffness obtained for a normalised
mudline displacement up to 0.04 [19, 40, 46, 68].

The consideration of an initial stiffness is regularly assumed as sufficient since natural
frequencies concern vibrations with small amplitude. This comes from the linearity of
the eigenproblem and the fundamental natural frequency obtained will not represent the
structure modal properties when other conditions, like liquefaction and seismic activity,
occur. This is further reinforced by Sgren and Larsen [59] on their work. Achmus et al.
[41] also stated that due to the low frequencies from wind and wave loading, dynamic
effects can be neglected when determining the soil stiffness [19, 40, 68].

According to Achmus et al. [41], the fundamental frequency of an OWT highly de-
pends on the stiffness provided when the system is under unloading and reloading con-
ditions. As the soil stiffness is strain-dependent, these situations lead to differences in
the stiffness of the system. Increasing loads, or displacements, leads to an initial stiff-
ness increase. The bounds of the stiffness when considering cyclic loads/displacements
also increase with increasing cyclic amplitudes. However, as Achmus et al. [41] found
out, relatively decent results are achieved considering the initial stiffness of a monotonic
loading condition instead of a un/reloading condition.

The stiffness of the shallow/top layers plays a big part in the system response. Large
mudline pile loads can lead the soil surface to enter an inelastic range, increasing soil
reaction across the pile length. As such, a higher stiffness at shallower depths will be
the main influence factor on the fundamental frequency obtained. Versteijlen et al. [27]
reached this conclusion when seeing that the API approach overestimated the stiffness of
sand at high depths, but an underestimation of the fundamental natural frequency occurred
[27, 85].

Special attention should be given when modelling the scour phenomenon. According
to Lin et al. [69], only removing the spring representing the soil layer that has been
eroded due to scour is incorrect. This simplification considers the local scour as general
scour, which was demonstrated to not incur significant errors, but when scour occurs, a
consolidation of adjacent soil layers happens. As such, although a stiffness loss indeed
takes place, a stiffness gain is also materialized. Stress history of the soil layers was then
seen as important for design aspirations considering scour. Not considering this history
leads to an over-conservative design. Also, the utilization of scour protection is expected
to increase the foundation stiffness, since a stiffer soil material is used.

A correct estimation of the damping used in the model is important as a higher damp-
ing value will lead to lower loads being applied and the necessary material to resist the
loading will be less. At the same time, incorrect estimation of high damping values would
lead to the design of an OWT that could be susceptible to premature failure. This is an
important issue in the wind industry, as guidelines do not include recommended methods
of considering damping, resulting in not considering some sources of damping that may
be important (over-conservative design) [114].
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There are different damping sources, relating to structural, wind, water, and soil in-
teractions. When the OWT is operating, i.e., producing energy, aerodynamic damping
is the most relevant damping source. When the OWT is stopped, foundation damping
takes place as the most relevant damping source, with structural damping being a rele-
vant source as well. The way these damping sources are modelled is also important, as
Rayleigh damping cannot be used for some damping sources [12, 39, 115, 116].

Aerodynamic damping originated from air drag actuating on the rotating blades. The
blades oscillate in the airflow due to tower bending vibration. Some air drag is also
experienced by the tower itself, but very small values are in order when compared with
the ones from the rotating blades. Significant differences from aerodynamic damping
in the fore-aft and in the side-side directions are also noted. Aerodynamic damping is
influenced by a series of factors, mainly wind speed, blade rotation speed, pitch angle of
the blades and yaw angle of the rotor. Underestimations are expected to occur for wind
speeds higher than the rated wind speeds [39].

Foundation damping is regarded as damping from the soil. A particularity of this type
of damping is that Rayleigh damping cannot be used to correctly represent the foundation
damping. although it is regularly used for modelling structural damping (not including
damping from tower dampers). Different sources of soil damping according to Malekja-
farian et al. [23] are: radiation of elastic waves damping, soil material/hysteretic damping,
and pore pressure dissipation (seepage) damping. The bigger influence of soil damping
comes from the hysteretic type damping. This source of foundation damping is regarded
as the most complex and least understood, as there is no consensus on how to quantify it
[4, 23, 53, 116].

The radiation damping is originated from the motion of the monopile as waves from
this vibration radiate away from the pile and through the soil. The generated waves carry
out some of the transmitted energy of the structure movement, with part of the energy
being absorbed. This type of soil damping depends on the excitation frequency, mode of
oscillation, the geometry of the system, and overall characteristics of the soil. Usually,
for frequencies lower than 1 Hz, this type of damping is disregarded [4, 23, 39, 75].

The hysteretic damping originated from the own soil dissipation of energy due to fric-
tion and sliding between soil particles, specially when the soil is cyclically loaded. Strain
effects and overall non-linear soil behaviour influence this type of damping. Alterations
on the effective stress acting on the soil change the hysteretic damping verified. These
alterations can come from water pore pressure changes. This type of damping highly
depends on soil strain, being independent of frequency and loading rate [4, 39].

Seepage damping originated from the seepage of pore water between soil particles,
equaling the excess pore pressure. This type of damping is of viscous nature and is pro-
portional to the frequency, yet independent of the soil strain level. To understand the
degree of influence that this type of damping can introduce, drainage conditions around
the monopile should be known. Soils with low permeability (like clays) lead to essen-
tially no seepage damping as the soil behaves in an undrained manner. On medium to
high permeability soils (like sands), the seepage damping will depend on loading rate,
drainage length and drainage properties of the soil, as drainage occurs. According to
Beuckelaers [117], this type of damping only contributes with small damping values on
very permeable soils and is thus not usually considered [23].
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Damgaard et al. [15] and Kementzetzidis et al. [10] both report the importance of
pore-pressure in the global OWT damping. By affecting the effective stresses of the soil
and changing permeabilities, different damping values can be obtained.

Structural damping is a structure material associated damping that can have different
origins, from material losses to joint friction but relying on the dissipation of energy from
the structure when it vibrates. As such, a series of challenges appear to fully model this
damping source. Usually, a Rayleigh damping matrix is used. Alternatively, a loss factor
associated to the material stiffness is used [23, 39].

Different types of tower dampers exist. The most common OWT structures are the
tuned mass dampers. These devices are employed to further reduce loads and vibration
amplitudes. When they are active (there is the possibility to turn off these devices), they
contribute to a large amount of the damping measured. [23].

Hydrodynamic damping has two sources: wave radiation damping and hydrodynamic
drag viscous damping. Wave radiation damping is proportional to wave velocities. Hy-
drodynamic viscous damping is proportional to the squared wave relative velocities. Hy-
drodynamic damping is the least important of the different damping sources according to
literature. As such, in a variety of studies, it is ignored [39].

Investigations tend to focus on calculating a specific damping source through back-
calculation (and assuming linear contributions) or by assuming direct modelling. From
experimental tests, usually, only the overall damping is measured, as it is a simpler and
straightforward analysis. Different damping ratios are mentioned throughout the litera-
ture. If small damping values are expected, the consideration of a loss factor can be used,
as the relationship between this parameter and an equivalent damping ratio exists. Intro-
ducing plasticity into the model can also avoid some limitations of introducing damping
as a viscous source (which is not the case for every damping source). Only considering
non-linear (plastic) springs is not correct to include a given damping source [23, 39, 53,
63].

Although there is no consensus on how to model these different damping sources for
precise damping estimations, standards recommend the consideration of some of these
damping sources. No recommended approach is given in these standards. An estimation
is thus performed by using Rayleigh damping, which produces considerable errors. It is
also important to have frequency-dependent damping to better represent actual damping
phenomena regarding the soil. However, approaches regarding time-independent damp-
ing values, such as the one presented by Brinkgreve et al. [116], also exist [23, 53].

3.5.5 Vertical soil modelling

The soil is usually modelled in the vertical direction by considering a series of t-z and Q-z
curves. Like the seen p-y curves, these curves come from experimental data after piles
testing. Likewise, how the soil properties for these are acquired, once again, influences
the achieved curves and, thus, the estimated stiffness.

The axial capacity of the soil characterises the vertical bearing capacity of the foun-
dation. It depends on the soil type and on the installation process. Although both tension
and compression capacities can be admitted, for monopile foundations, only compression
is considered. Proper emphasis is given to the pile installation on the determination of the
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longitudinal stiffness [29].

Like in lateral soil modelling, different methods exist when modelling. Likewise, dif-
ferent formulations of soil capacities and soil stiffness quantification exist. Soil plugging
has a significant effect on the considered modelling of the problem. Consequently, dif-
ferent assessments should be performed to ensure that a correct model is selected for a
given case [84]. At the same time, modifications should be performed in order to consider
scour effects. “Liquefiable” curves should be considered in these conditions. According
to Jiang et al. [19], these "liquefiable” curves can be obtained by considering the effective
vertical stress into the vertical ultimate soil resistance calculation that is used to define the
common t-z and Q-z curves. Pore water pressure is regularly ignored in this formulation.

As little influence has been reported in the literature regarding vertical soil modelling
on predominately lateral response problems, this topic will not be further elaborated on.
More on this can, although, be regarded in Chapter 17 of Soil Dynamics and Foundation
Modelling: Offshore and Earthquake Engineering [84] and in the Standard API [108]
and/or DNV [43, 47, 58].

3.6. Final Remarks

Geotechnical tests are the most common soil measurement methods employed in the off-
shore wind industry. Tests such as cone penetration tests (CPT) and laboratory testing of
borehole samples are soil disturbing and large-strain measurement methods. These meth-
ods raise the question of adequability for the small-strain soil properties assessment. In
turn, recorded soil wave data (wave velocities) can allow the determination of more char-
acteristics than what can be achieved with CPT, for example, while being a non-disturbing
method. CPT is the regular method used for soil properties identification in offshore con-
ditions. Although more effective parameters can be obtained with this indirect method,
a given degree of uncertainty can be associated with it, as outside influence factors can
affect the measurement. Backscattering of waves due to contrast between soil layers and
lateral soil variability can be a source of uncertainty in this regard. The quality of the esti-
mation can be further impacted by geometric attenuation. Either way, soil wave recording
can be seen as an advantageous measuring method over common disturbing methods, as
some in-situ characteristics are not lost [27, 70].

The soil stiffness is highly dependent on the interaction between the soil and the struc-
ture. This interaction is highly complicated, with many factors being involved. Cyclic
loading can lead to a softening or hardening of the soil, changing its stiffness. Other soil
properties, such as permeability, shear modulus and ultimate capacity can be linked to
soil stiffness. It was also seen that the pile installation method can highly influence the
foundation stiffness obtained, as an over-consolidation or densification occurs. Alamo et
al. [34] defend that the superficial soil layers are the ones that govern the effects of the
SSI on observed modal properties.

As the literature suggests repeatedly, an underestimation of the overall OWT foun-
dation stiffness is performed using common and established procedures in the oil and
gas industry. In turn, not considering any kind of SSI, as considering the structure to
be clamped, leads to an overestimation of the natural frequencies. However, when con-
sidering a SSI, it is easier to find justifications regarding soil stiffness degradation than
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regarding occurrences of stiffness increases. Consequently, this may suggest that a less
correct modelling approach is being employed.

Besides all the limiting factors from the common modelling approach, different soil
behaviours might happen in parallel and/or in series with each other. This reinforces that
a set of different sources of stiffness increase/decrease might not be considered in the vast
majority of the literature. If a high accuracy prediction is wanted, then a dynamic SSI
has to be considered. Nevertheless, problems with actually implementing this type of SSI
exist, as soil parameters that characterise this interaction are related to each other.

As Malekjafarian et al. [23] resumed in their work and has been exposed here, a lot
of challenges still exist in the consideration of SSI. The soil modelling considering the
effects that may affect the SSI requires more study, as some of these factors are not even
captured using complex constitutive laws. Drainage conditions are not usually considered
in the modelling, as proper dynamic SSI is needed. Likewise, seabed changes with time
are not usually considered, as an equilibrium or a maximum status are assumed. The
loading influence on the modal properties is also disregarded when possible alterations on
the modal properties can happen due to it.

In terms of modelling, the Winkler approach is commonly used in the industry, as
it is a simple and versatile method. It replaces the soil across the pile embedded length
for a series of springs that simulate the soil reaction at different depths. Despite that, it
does not account for the interaction between adjacent soil springs, which is a relation that
can occur. Common p-y curve formulation incurs considerable errors when applied for
OWTs foundations, as they were formulated for slender piles than the ones used for OWT
applications.

Globally, the approaches to foundation modelling lead to the underestimation of the
natural frequencies of the system. This can mean that an underestimation of the soil
stiffness is considered, as the rigid foundation approach leads to an overestimation of
these same frequencies. Different investigations and tests were and are being performed
to reach a simple and versatile approach without the necessity of the computational costly
approach of FEMs.

Although a high-precision solution can be obtained, FEM is mainly used in investi-
gation as it is a very time-consuming process. There are projects that only use FEMs to
calibrate soil reaction curves present in the model developed. At the same time, solving
by resorting to a frequency domain is faster than using a time domain solver. However, it
lacks fatigue estimation accuracy. The utilization of a static analysis leads to considerable
less computational effort.

The common oil and gas approach presented in API standards (for slender piles) when
applied to large diameter and short piles as the ones used in the offshore wind industry
results in a significant underestimation of lateral stiffness for clays, while it can overes-
timate the lateral stiffness for sands, especially at high depths. Similar conclusions are
reached for the soil’s ultimate capacity. Not considering the base moment and force as
well as the skin friction throughout the pile length might be reasons, as presented by
the PISA design model. However, the consideration of a more proper lateral distributed
resistance through a corrected p-y formulation can be sufficient.

A different approach altogether and only dependent on the shear modulus of the soil
is also regarded as a promising answer for stiffness estimation throughout the pile length.
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This approach departs from experimental testing values of slender piles as it depends more
directly on the soil properties, considering the pile-soil interaction as well.
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Chapter 4

Model Development

4.1. Vibrations Basics

A dynamic system is usually composed of an elastic element, a mass or inertia, and a
damper. These elements allow the system to store and return elastic/potential and kinetic
energy, as well as dissipate energy, respectively [118].

A linear elastic element is characterised by a spring with stiffness k. The force that
acts on this element will be linearly proportional to the displacement seen in the spring’s
ends, as presented in Eq. 4.1 and visualised in Fig. 4.1. The units of the spring stiffness
will then be N/m. Moreover, a rigid link can be considered by having a spring that has
infinite stiffness [30, 118].

Fig. 4.1. Elastic element representation.

Fe=k(xo—x1) 4.1)

If a given system has more than one spring linked to two common ends, an equivalent
spring can be devised. The equivalent spring value will depend on the spring combination
form. Two parallel springs will lead to a different equivalent stiffness to the one that is
obtained by two springs in series. Fig. 4.2 presents these differences and the correspond-
ing formulation as according to what is seen in Apontamentos de Vibragoes de Sistemas
Mecanicos [118]. In short, a parallel configuration will lead to a stiffer system, while a
series configuration leads to a softer system.

The dissipative element is characterised by a damper with a damping coefficient c if
viscous damping is considered. The force that acts on this element will be linearly pro-
portional to the velocity seen in the damper’s ends, as presented in Eq. 4.2 and visualised
in Fig. 4.3. The units of the damping coefficient will then be N.s/m [118]:

F.=c(x—x1). “4.2)
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Fig. 4.3. Dissipative element representation.

Other and more complex springs and dampers exist to account for non-linear be-
haviours. Non-linear springs can be similarly represented as previously seen but the spring
stiffness k will now be a function that depends on the spring’s displacement. The spring
can also, on some occasions, be of a complex nature to account for some dynamic ef-
fects. In rigorous form, spring stiffness of complex nature will be called an impedance,
where damping is also accounted for. Likewise, different approaches to damping can be
regarded, as more sources than viscous-origin damping exist.

The inertial element can be characterised either by a mass m or by an inertia J or even
by both. The force that this element is responsible for can be quantified by Newton’s
second law seen in Eq. 4.3 [118]:

Fyy = mi. (4.3)

Any mechanical system can be transformed into a physical system composed of equiv-
alent dynamic quantities. The dynamic system that is equivalent to the mechanical system
will then be fully defined with the quantification of the mass/inertia, damping coefficient,
and spring stiffness. The analysis of the vibrations is then performed by writing the math-
ematical model that defines the system’s motion. Through different theorems, such as the
d’ Alembert principle, or energy methods, such as Hamilton’s principle, it is possible to
solve the obtained differential equations of motion. Analytical or numerical methods can
be used to solve these equations [118].

According to the desired results, a linearization may be required or, at least, recom-
mended. For modal properties analysis, i.e., vibrations analysis, a linearization is re-
quired. This may mean, in some cases, that an iterative process will also be required.

Considering one degree of freedom system on a free regime after an impulsive load,
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different basic quantities can be defined. The undamped natural frequency is an important
quantity of a dynamic system. The undamped natural frequency will be given by Eq.
4.4, where the stiffness k and mass m are the equivalent properties of the elastic and
inertial elements of the system. In terms of damping, a damping ratio can be defined as
seen in Eq. 4.5. The critical damping coefficient ¢, defined in Eq. 4.6, determines the
minimum damping at which the system does not oscillate after an impulsive excitation.
This means that for damping ratios below the unity, the response to an impulse will be of
an oscillatory motion until an equilibrium state is reached; if a damping ratio bigger than
one is considered, the response will rapidly tend to the equilibrium state. The damping
coefficient ¢ will be the equivalent property of the viscous dissipative element of the
system. Then, if damping is considered, a damped natural frequency can be defined as
seen in Eq. 4.7 [118].

W, = % (4.4)
¢=— (4.5)
Ce = 2mwm, (4.6)

Wy = 0,1/ 1—§? 4.7)

The natural frequency of a structure can then change with modifications to its stiffness
and mass. Very small changes can also happen if the structural damping is altered, as what
is measured is a damped natural frequency. If an oscillatory response due to an impulsive
load is measured, a relation can be reached regarding the oscillatory response period and
the natural frequency. This relation is seen in Eq. 4.8. Likewise, a relation regarding
the damping can be acquired using the notion of logarithmic decrement. For a single
measured period, the relation between the logarithmic decrement and the damping ratio
is as seen in Eq. 4.9. For several (N) periods, the formulation in Eq. 4.10 can be used [2,
118].

T i)_’; 4.8)
§=1In (x(t;‘:(g)”)) ={w,T —
5o (4.9)
/122  Ven)ts?
5= 1 < x(t) ) (4.10)
N x(tN:t1+N-T)

4.2. Model definition

The dynamic behaviour of a structure can be characterised by its modal parameters, which
can be obtained analytically or numerically. For simple structures, such as constant cross-
section beams, analytical solutions exist or can be developed. For complex structures, as
an OWT, numerical solutions have to be developed, where the division of the structure into
a distinct number of elements can be considered. A number of limitations arise from the
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numerical approach, where experimental modal analysis is able to validate and improve
such an approach. Based on these considerations, a simple model is developed [31].

A series of different decisions have to be taken before modelling the structure, from
what beam theory should be adopted and general coordinate system possibilities to what
solution method should be employed and shape functions utilization. The model devel-
oped and presented here is comprised of a simple finite element approach. However, it
does not resort to in-depth finite element considerations of body discretisation as common
FEM analyses on this subject do. The main goal of this model development is to reach
a simplified model that can capture the soil reaction actuating on the structure, giving a
representation of the structure with fewer degrees of freedom than what is usual.

Gupta and Basu [40] stated that a complex soil nature should be assumed for a cor-
rect foundation representation, as to capture the dynamic behaviour of the structure due
to cyclic and dynamic loading. However, as presented in that same work and already
mentioned in the present work, running a dynamic analysis is significantly more compu-
tationally costly than a static problem. The difference in the results does not tend to be
that different for low frequencies. Being the developed model a simplified approach to
the OWT problem, static-like springs will be considered with parallel dashpots.

The p-version finite elements are imposed for use in this model development. This
finite element version allows the consideration of fewer elements while achieving good
displacement compliance. As such, it is the ideal version to obtain a reduction in the
degrees of freedom while maintaining the same response accuracy. As every investigation
concentrates its efforts using h-version finite elements, this consists of a new approach on
OWT simulation.

The h-version finite elements consist of increasing the number of simple elements to
increase the model precision. Meanwhile, the p-version finite elements consist of increas-
ing the number of shape functions through the elements.

FEMs can allow high accuracy results to be obtained. Stoykov and Ribeiro [101]
stated that sometimes non-linear models have to be developed due to the insufficiency
of linear theories to predict the displacements accurately. Consequently, non-linear equa-
tions of motion have to be solved by iterative methods, demanding elevated computational
effort with h-version finite elements [119].

The p-version finite elements are not prone to locking phenomena (allows the study of
thick and thin structures), fewer degrees of freedom can be used without compromising
the accuracy of the results, and the mesh is kept constant. The utilization of this version of
the finite element also reduces problems due to inter-element discontinuities. Better strain
and stress fields can be obtained using p-version finite elements than using h-version finite
elements [119, 120].

A common simplification consists of modelling the wind turbine’s problems as a Sin-
gle Degree of Freedom (SDOF), while assuming a concentrated mass at the top of the
wind turbine’s tower. Calculation errors are, nevertheless, expected, since the majority of
simplified approaches do not account for the tapered nature of wind turbines when pre-
dicting their natural frequencies. Common errors in SDOF models are the consideration
of a higher mass density of the structure to account for different in-tower components and
the poor estimation of an equivalent diameter for the tower. A simple calibration proce-
dure could be a possibility to reduce these errors. Further simplifications regarding the
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foundation flexibility and substructure of OWTs have been performed that increase the
error of common SDOF models seen in the literature. Even using linear approximations
of the tower’s moment of inertia and area leads to considerable errors. These models also
do not account for differences in the RNA (inertia moment anisotropy), resulting in only
one 1st mode natural frequency instead of two close frequencies (the fundamental natu-
ral frequency in the fore-aft and side-side directions). Ko [30] pointed out that attention
should be given when applying SDOF models [3, 28, 30].

The model developed will consider a single plane, presenting a slight complexity when
compared with SDOF models, but without the difficulties faced by common finite ele-
ments and other multi-plane models. However, similar considerations can be taken into
consideration as only one element will be considered to represent the whole structure.

Although common underestimation is obtained using the Winkler approach, this ap-
proach will be used for the present model development. As common p-y curves do not
consider the influence of a wide selection of factors that alter the soil stiffness, an attempt
to include some of these in a different Winkler approach will take place. A small-strain
approach to the soil stiffness was considered, as defended by Burd et al. [107] in their
work.

4.2.1 Beam theory

Different beam theories can be considered when modelling. The most common theories
are Euler-Bernoulli and Timoshenko. Throughout the literature, in terms of efficiency
between accuracy and computational cost, the Euler-Bernoulli is seen as the best choice.
Yet, there is no consensus in the beam theory selection, as literature still uses both theo-
ries, even when knowing that the Euler-Bernoulli might be a more cost-efficient approach.
Gupta et al. [40] studied these beam theories and concluded that the Euler-Bernoulli the-
ory is a beam theory that leads to good natural frequencies accuracy with limited compu-
tational cost. [40].

The Timoshenko theory includes the effect of shear deformation and rotatory inertia of
the beam cross-section. The shear correction factor can influence the natural frequencies
of the beam, as different formulations exist to account for the non-uniform shear stress
distribution within the beam cross-section. Burd et al. [107] used the Timoshenko theory
to make sure that the PISA design model included the influence of shear strains on the
overall pile deformation, maintaining a robust method [40, 120].

The Timoshenko beam theory was considered for the present model development
since small differences are noted regarding the computational time between these two
beam theories when static loading is considered and to make sure all deformation effects
bending related seen in the structure are included. A longitudinal displacement compo-
nent will also be admitted, as Jia [96] states that axial forces applied on the structure can
affect its lateral behaviour.

4.2.2 Coordinates

Using a general element coordinate referential that has its origin in a given point within
the element, three coordinates are defined: one in the longitudinal direction (x;) and two
in the transversal direction (x, and x3). Using the common simplification seen in the
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literature of a single plane approach, as well as considering a Timoshenko beam element,
the displacements considering these coordinates will be represented in a different set of
variables, seen in Eq. 4.11, that are independent of the x; and x3 coordinates. Fig. 4.4
presents the admitted coordinate referential.

g
1
ui (x1,x3,1) =0 4.11)
g
3

Fig. 4.4. Admitted coordinate referential.

4.2.3 Shape functions

As presented in previous work of Ribeiro (Refs. [119] and [120]), different shape func-
tions are usually employed for different coordinates. However, considering a model with
several finite elements, to impose shape function continuity, the same shape functions
are proposed for the current problem. The shape function continuity allows displacement
and force continuity between different elements. The shape function family f allows this
continuity. In alternative, but not allowing the same degree of continuity (continuity only
exists displacement-wise), the shape function family g can be used.

Using the representation of ff to mean the shape function vector, either considering the
shape function family f or g, Eq. 4.12 presents the definition of the local displacements
in order to the generalised coordinates. Different vector lengths are possible using this
formulation with p-version finite elements, allowing bigger flexibility in the convergence
study.

uy (x1,1) =15, (x1)-q,, (1)
u3 (xi,1) =fE, (x1)-q,, (1) (4.12)
6 (x1,1) = ffg (x1)-qq (1)

It is important to note that the shape functions will be dependent on the longitudi-
nal coordinate x;, while the generalised coordinate will only be time-dependent. This
decomposition of the local coordinates allows algorithm simplification, as time and spa-
tial integration can be separated. The utilization of shape functions also allows an easy
transition from individual equations of motion to a representation in matrix form.
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4.3. Virtual Work Implementation

The virtual work principle states that the summation of the virtual work performed by all
forces applied to a body, including inertia forces, will be zero. The formulation can be
seen as the summation between the virtual work provided by inertial, internal and external
forces. Eq. 4.13 presents the general equation that represents this principle:

SW, + W + SW; = 0. (4.13)

The several integrals that are presented can be solved using numerical integration
methods. As the present work elaborated a Matlab script to implement the developed
model, these integrals were performed using Matlab capabilities.

4.3.1 Inertial forces virtual work

The inertial virtual work, represented as 6W;, can be presented as seen in Eq. 4.14. Us-
ing previous considerations regarding the Timoshenko beam theory, the Eq. 4.15 can be
reached. By applying Eq. 4.12, the structural mass matrix in each displacement compo-
nent can be obtained. These matrices are presented in Eqgs. 4.16 to 4.18, where:

* M,, is the structural mass associated with u;;
* M,, is the structural mass associated with u3;

* Mp is the structural mass associated with 6.

W, = —/Vp (Subiié + Suiis + Suliid) dv (4.14)
SW, = _/ /p (8uyiiy + Susiis +:2508) dSdx, (4.15)

X1 S
6qu1 ’ [f)q fSp 'fful (xl) ff’lz (xl)dexl] 'QM = 5qbt1 .M”l ) qul (416)
80y, - [ [y, Jsp By (x1) £y, (x1) dSAx1] -y, = 8- M - iy “.17)
8- [y, fsp 33 Mo (x1) £ (x1)dSdn ] -Gp = 8qo-Mo-Gp  (4.18)

As the surrounding mass around the structure has to be accelerated as well, a similar
approach considering an equivalent mass can be employed. This is relevant for the water
around the pile, as well as for the water that resides within the pile. Likewise, the added
mass due to water can be reached through the virtual work principle, as seen in Eq. 4.19
that sums Eqgs. 4.20 and 4.21. However, as water is a fluid, no added mass in the longitu-
dinal and rotational direction is considered. A proper fluid-structure interaction should be
conducted for more precise results. Yet, the accuracy gained by considering such interac-
tion does not compensate for the complexity introduced. As such, this equivalent added
mass is managed by an empirical parameter, Cys [2].

SWY = 8W)" + W™ (4.19)
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6Wj~wi = —/ /pw (5141121%—6143123 +X%699) dSdx; (4.20)
x1 JS;

SWJ.Wez—/ / Pw (Cyr — 1) (Suyiiy + Susiiz +x3608) dSdx, 4.21)
X1 Sg

Other influences can be regarded, like marine growth and soil mass acceleration. In
these cases, the only difference to the formulation seen for the structural mass resides in
the mass density and area considered. Eqs. 4.22 to 4.30 reflect in matrix form all the mass
matrices relevant for the main mass matrix of the system, including the added water mass,
where:

. M;”Si is the added mass due to water inside the pile on the transversal direction;
* My is the added mass due to water around the pile on the transversal direction;
o Mi’s is the added mass due to soil inside the pile on the transversal direction;

. Mig is the added mass due to soil around the pile on the transversal direction;

. Mz" is the added inertia due to soil inside the pile;

. Msee is the added inertia due to soil around the pile;

¢ M3, is the added mass due to marine growth on the longitudinal direction;

o M§3 is the added mass due to marine growth on the transversal direction;

. M;‘; is the added inertia due to marine growth.

However, according to Asnaashari et al. [112], marine growth has a negligible effect
on the natural frequencies. It was considered as well that the soil added mass can be
included in a similar way to the formulation for water added mass.

5qu3 ’ [fxl fS, pW ’ ffu3 (xl) ’ ff’l-53 (xl)dexl] ’ qu3 = 6qu3 ) M;V:; ’ (‘11,{3 (4'22)

8y - [, Js, Pw (Cor — 1) fyy (x1) -], (x1)dSdxy ] - &, = 8q,, - My -6,  (4.23)
8y, - [y, Js, 05 - By (x1) - £y, (x1) dSdxy ] - G, = 84, - ML -, (4.24)
84, - [, Js, Ps (Crr = 1) by (x1) - £y, (x1) dSdxi1] - @, = 8@, - Mg -G, (425)
8- [fy, Js ps 23 - fFo (x1) -fff (x1)dSdxi] - dg = 8qo My -Gy (4.20)
8qq - [y, J5,Ps(Cu—1) x5 -ff (x1) - £8§ (x1) dSdx1] -dg = Sqg - My -G  (4.27)

8, | Ji Js, Ps Py (1) 00}, (x1) dSdx | -, = S, - ME, -, (4.28)
84, | S Js, Pe By (e1) 8, (1) dSvr | -, = S, M, - i, (4.29)

8qg - |:fx1 Js, Pg -3 - £ (x1) - £y (xl)dexl} g = 8q9 My -4y (4.30)
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As opposed to water, the soil is a solid comprised of fine particles. As such, it is
expected to have some degree of resistance, especially when compressed, in terms of
rotation. For this reason, an added mass in 0 is also considered. Although the soil will
also be accelerated in the longitudinal direction, the inertial effect can be regarded as
negligible for a lateral studied problem. Consequently, it is safe to disregard the added
soil mass in this direction. As for marine growth, this is a phenomenon that usually occurs
linked to the structure, i.e., marine growth is a mass that is physically connected to the
structure. Consequently, marine growth can be seen as an added mass in every direction.
It does not introduce significant stiffness to the system.

To be possible to introduce these added masses, quantities should be defined in terms
of their properties. According to Jia [2], the marine growth mass density is estimated as
1325 kg/m?, where an average thickness t; of 45 mm can be used. It is important to note
that these quantities may and will vary according to the OWT location and with time. In
relation to water mass density, according to the report of the International Towing Tank
Conference [121], a value around 1027 kg/m> can be used. Resorting again to Jia’s Soil
Dynamics and Foundation Modeling Offshore and Earthquake Engineering [2], the added
mass coefficient can be considered equal to two (2), if the KC number remains below five
(5) and the Stokes number has a very high value, as it is expected for calm sea states.

Besides these distributed masses, localised/lumped masses can be considered too in
this model. Eq. 4.31 presents the virtual work from a rigid body type of inclusion to the
beam model. Components, such as the RNA, will be introduced to the model using this
kind of approach. Eqs. 4.32 to 4.34 present the corresponding matrices, where:

. Mﬁf"’ is the added lumped mass on the longitudinal direction;
. M%"I is the added lumped mass on the transversal direction;

. MQM is the added lumped inertia.

WM = —/ 8 (x1 —x)) {mj - [Suyiiy + Susii] +J;- §66 } dxy (4.31)
X1

MM = m; - ff,, () - (x)) (4.32)

MY = m; - ff,, () -] (x)) (4.33)

MGM = J; -ffq (x)) - 18] () (4.34)

In some occurrences, a correction to the mass and inertia properties may be needed as
the components are not located at a point within the analysed structure/beam, i.e., might
have a given offset. For these, Steiner’s theorem can be used. However, as points with
absolute velocity will more certainly be considered, a small error will be carried out when
only using Eq. 4.35, as given by the specified theorem (where x; is the centre of mass
of the contemplated rigid body). In other words, the direct application of this theorem in
these applications is not entirely correct. Another term is introduced due to the relative
movement of the structure and points considered, as can be regarded in a simple example
using the energy approach presented below.

Jir = T Fmy - (Xi —)c,-)2 (4.35)
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Assume that a clamped beam has a rigid body of mass mg and inertia Jg at its free
extremity, as seen in Fig. 4.5. With G being the centre of gravity of the rigid body and
O the top of the beam, where OG = e, the kinetic energy can be calculated by Eq. 4.36.
Assuming that the rotation of the beam is given by 8 and that it remains equal throughout
the considered points, an estimation for the linear velocity of G can be reached (Eq. 4.37),
leading to the kinetic energy seen in Eq. 4.38.

7

Fig. 4.5. Example of a clamped beam with a rigid body on its extremity.

1 1.
T=—mg-vs+=Jg-6° (4.36)
2 2
ve=vp+e-0 4.37)
1 1 .
T:5m6~vé+mG'e~v0~9+§(Jg—i—mg-ez)-ez (4.38)

An extra component (mg - e - vo - 0) is then seen in the kinetic energy for the point O,
which proves that another term is introduced if the point considered on the beam does
not have null velocity. However, as the linear and angular velocities of the structure
are not expected to be high, for simplicity’s sake, this term is assumed to not play a
significant part in this translation of rigid body properties. Although it is incorrect to
apply Steiner’s theorem directly, it is not expected to influence significantly the results
obtained. Consequently, for the model developed, only Steiner’s theorem is considered
when acquiring the equivalent mass and inertia on the top of the wind turbine tower.

4.3.2 Internal forces virtual work

The internal virtual work, usually represented as 0W;, can be presented as seen in Eq.
4.39. Since the internal forces come from achieved deformations and consequent stresses,
further considerations are needed. Eqs. 4.40 and 4.41 present the relations necessary to
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solve this issue and translate the Eq. 4.39 into the previous unknown variables (without
defining new unknown variables).

SW; — — /V (8&0x, - vy + 8Yipns - Tryay) AV (4.39)
O = £+ (4.40)
Ty = A-G- Yxix;
J
Euxy = J+ X350 (4.41)
%qx; - axl + 6

After substituting the unknown quantities for their correspondent relation, it is possi-
ble to reach the structural stiffness. Special attention should be given to the A parameter,
known as the shear correction factor. Within the literature, different formulations exist
to quantify this factor. According to Kaneko [122], the best shear correction factor for
beams with a circular section is given by the formulation expressed in Eq. 4.42.

_6+12-v+6-v?
T+ 12-v44-v2

(4.42)

The resulting stiffness matrices that come from the formulation of Eq. 4.39 are pre-
sented in Eqs. 4.43 to 4.48. These are denoted as:

. Kfl is the structural stiffness due to the Young’s modulus of the structure’s material
associated with uy;

. K‘g is the structural stiffness due to the Young’s modulus of the structure’s material
associated with 0;

o K% is the structural stiffness due to the shear modulus of the structure’s material
associated with us;

o KuG39 is the structural stiffness due to the shear modulus of the structure’s material
associated with 13 and 0;

. Kgu3 is the structural stiffness due to the shear modulus of the structure’s material
associated with 0 and us;

. Kg is the structural stiffness due to the shear modulus of the structure’s material
associated with 6.

affu u( )
6qM] [f f a_l)CIXI a.lxl dex1:| 'qul 5ql,tl qul (4.43)

T

9
04y, { f f 2G. M) M )dexl] -q,, = 8q,, KS -q,, (4.45)
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off, —
6%[ f 1 j; AG- “aif"”-ffg(xl)ds(ixl]~q9—5qu3~K539~q9 (4.46)

oftT
6qg - U; j;/lG-ffg (x1) - gjcf’”)dexl} -q,, = 694 -K§,, -q,, (4.47)
1

5q6 ’ {f j;lG-ffg (xl) -ffg (xl)dexl} Qg = 6‘16 Kg ‘o (4.43)
X

Relevant to note that coupling will occur as seen in Eqs. 4.46 and 4.47.! The na-
ture of this coupling is related to the bending phenomenon of the structure, relating the
displacement u3 with 6.

4.3.3 External forces virtual work

There are several external forces that can be regarded as acting on the structure. Main
external forces come from soil reactions and forces that are interlinked with damping
effects. As such, the virtual work can be separated in soil reaction forces and dissipative
forces. It was considered that no significant sea current loads are present and that the
hydrostatic water pressure is applied around all the perimeter of the monopile, producing
a zero-net force.

Soil reaction forces

If a section of the foundation/monopile is considered at a given depth, the generalised
position of the spring that replaces the surrounding soil can be defined as presented in
Fig. 4.6. The Figure considers a displacement u3 in the x3 direction, while ¢ is assumed
as starting from the x; axis.

Fig. 4.6. Cross-section consideration of soil reaction.

If a force in the x3 direction is applied, it is expected that only a portion of the sur-
rounding soil will act to oppose the acting force. As such, only half of the pile (equivalent
to say 0 < ¢ < ) will actively oppose this loading in a simplified approach. Assuming
that the soil will react in the normal direction of the monopile, the continuum spring load
for a given cross-section of the monopile will be given by Eq. 4.49. The virtual work
provided by this external force is given by Eq. 4.50.

dF, = —ky - uzsin @ (4.49)

'Tt’s pertinent to note that one matrix will be the transpose of the other.
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/3
SW, = — / / Sus - ks - 3 in® (@) - Roxyy dp (4.50)
0 X1

The spring stiffness, known as ks, is defined as a force per volume (N /m?) and it
represents an equivalent stiffness. This equivalent stiffness means that different repre-
sentations and considerations can be regarded in the stiffness formulation. It was also
assumed that the modelled springs will deform a quantity Al equal to u3 - sin . As such,
the soil resistance as an added stiffness in matrix form, K, can be observed in Eq. 4.51.

T
6qu3~[ /0 / Ky Sin% (9) - Ry By (1) -7, (1) dridg | -, = 8a,, - Ky-q,, (4.51)
X

As Versteijlen et al. [27] state in their work, it is incorrect to consider an initial
stiffness of soil representing springs without taking into account the geometry of the pile.
As the springs represent the interaction between the soil and the structure, modelling the
soil springs as independent from the pile geometry will lead to non-real results. The same
author stresses out the importance of the stiffness from the shallow layers. According to
Jiang and Lin [19], the maximum depth to which one can consider a given layer as shallow
is 2.5 times the pile diameter. It is expected, as it was presented in Chapter 3, that their
stiffness will greatly influence the natural frequencies of the structure. The formulated
proposals for soil modelling will be presented in Chapter 5.

Although other soil reaction components take important roles on the global soil re-
action acting on the pile, as documented in the PISA project, only a lateral reaction was
considered in the present work due to available data and simplification. If more informa-
tion can be gathered and validated in this regard, these soil reaction components should
be considered and modelled.

Dissipative forces

Structural damping

Structural damping can be defined by a loss factor, 1. Some literature mentions com-
mon values for structural material loss factors. Eq. 4.52 presents the relation found in In-
troduction to Finite Element Vibration Analysis [123], where a division by the frequency
is necessary to allow a constant damping matrix. The variables associated are denoted as:

* C,, is the structural damping associated with u;;
* C,; is the structural damping associated with u3;
¢ C,,¢ is the structural damping associated with u3 and 6,
* Cg,; is the structural damping associated with 6 and u3;

* (Cy is the structural damping associated with 6.

C, 0 0 n KE 0 0
Cstruc - 0 Cu3 Cu39 — 5 0 KuGg KuG30 (452)
0 Cou Co 0 K§, K§+K§
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Cook [124] used a loss factor (1) of 0.0047 for steel structures, while Damgaard et al.
[13] mentioned a value of 0.01 for steel monopiles. These values are within or very close
to the limits mentioned for steel structures in Structural Vibration: Analysis and Damping
[125]. As the damping matrix will depend on the frequency, a given frequency should be
defined to quantify the structural damping matrix. As the first natural frequencies are the
main concern, the damping matrix will be constructed to consider an early estimation of
the first natural frequency.

According to Damgaard et al. [31], a change in temperature can alter the natural fre-
quencies of the system. As temperature changes, a change on the mechanical properties
of the structure also occurs. A change in 5% was stated to happen in very extreme con-
ditions (variation of more than 150 °C), leading to a variation of 0.5% in the fundamental
frequency of the structure. The influence in damping was even smaller and depicted as
insignificant. Thus, this influence factor will not be considered further.

If a tuner mass damper exists in the tower, further considerations should be devised.
However, usually, in full-scale tests, these devices are turned off. If this is not the case,
further considerations comprising a dynamic system with an additional degree of freedom
should be considered to include the damping of this device.

Soil radiation damping

In a similar fashion to what was seen with the soil stiffness considerations, only half
of the monopile is assumed to be subjected to the soil damping phenomena. Likewise, the
damping force will act in a normal direction to the pile’s surface, leading to the formula-
tion seen in Eq. 4.53. Eqgs. 4.54 and 4.55 present the external virtual work produced by
this force and its representation in matrix form, C/%¢.

dF7 = —c i3 sin @ (4.53)

N

T
SW, = — / / Suz - i3 $in® @ - Royydr; dp (4.54)
0 X1

T
5q,, { /0 / ¢ i @ - R £, (1) - #T (x1) dvydo| -q,, = 8q,, - € q,, (4.55)
x1

According to Badoni and Makris [63], the soil radiation damping coefficient, ¢/“? can
be given through the shear wave velocity influencing parameters. For the interest of the
current work, the damping coefficient should be a quantity per unit of area [N.s/m>]. As
such, the expression from Ref. [63] was divided by the total embedded length of the pile
and the pile half diameter, as seen in Eq. 4.56. The coefficient Q, dimensionless frequency
ap, and shear wave velocity of the soil can all be obtained by using the expressions present
in Appendix A. The damping coefficient expression is similar to the one analytically
developed by Gazetas and Dobry [126] for flexible piles embedded in layered soils.

2d
=0-ay pVy— (4.56)
: ’ sLembedded nd
According to Shirzadeh et al. [28] and Damgaard et al. in Refs. [31] and [13], there
are several studies on the fact that no significant influence comes from radiation damping
for frequencies below 1 Hz. Still, a damping ratio value of 0.12% is regularly presented as
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a reference for a pile diameter of 4.7 meters, water depth of 20 meters and a fundamental
frequency of 0.3 Hz.

Soil hysteretic damping

The same assumption as before maintains for the current case. Eq. 4.57 presents the
force considered. Eqgs. 4.58 and 4.59 present the external virtual work produced by this
force and its representation in matrix form, Cé’ys.

dFS = —cS iy sin g (4.57)
T

SW, = — / / Suz - iz sin @ - Rowdxydg (4.58)
0 X1

T
54, { /0 / 5 Sin? @ - Roy B,y (x1) 87, (x1) dx1d | -1, = O, - CP*-q,, (4.59)
x1

The soil hysteretic damping can be defined by using the definition of the loss factor,
Ns, in a similar way to what was seen previously. According to Malekjafarian et al. [23],
the loss factor can be related to a damping coefficient, c?y *, through Eq. 4.60. For the
interest of the current work, the damping coefficient cﬁ’y ¥ should be a quantity per unit of
area [N.s/ m3]. As such, the expression from Ref. [23] was divided by the total embedded
length of the pile.

s =2. CSL (4.60)
© - Lembedded

The soil damping ratio {; can be obtained through empirical values in a work per-
formed by Darendeli [70] on that matter. That author studied a variable amount of dif-
ferent soils, from sand to clay, and formulated a damping variation with strain. It is
recommended to use the minimum value of those presented in that work, considering
an effective vertical pressure of 1 atmosphere. As such, a minimum soil damping ratio
of 0.8% is set. This recommendation is provided to avoid an overestimation of the soil
damping.

Alternatively, the HSsmall model presents a definition of soil hysteretic damping for
small-strain. This definition directly gives the soil damping ratio and is given as the ratio
between the energy dissipated in a load cycle (Ep) by the energy stored at a maximum
strain equal to the cyclic amplitude strain (Ej), as possible to observe in Eq. 4.61 [116].

Ep
= 4.61
Cs 47Es (4.61)
4GoY.7 Ye 2.7 0.3857,
= 2y, — — In|1 4.62
0385 | T4 8] 0385\ ' 707 (t-62)
GoY?
2+ .7

Difficulties in quantifying the strain that one could encounter in the model exist. Gaze-
tas and Dobry [126] proposed a strain-displacement relation on their work that helps
overcome these difficulties. This relation makes it possible to write the cyclic strain Y,
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in function of the lateral displacement u3, as seen in Eq. 4.64. However, the utilization
of such a relation would lead to an iterative algorithm, demanding further computational
cost. For this reason, this approach is not recommended for a simple model application.

14+ v
2.5d

}/C(xl) = us (xl) (4.64)

According to Damgaard et al. [31], as this source of damping results from the dissi-
pation of energy by slippage of grains, this phenomenon is frequency independent. Con-
sequently, for a given deformation (soil strain), this damping source can be approximated
to an equivalent material viscosity. This represents another approach on this subject.

Soil seepage damping

Soil seepage damping is a form of damping that will not be considered in this work.
As little information regarding it was found and as small-strain will be considered in the
formulation of the analysed problem, this type of damping will be disregarded.

Water radiation damping

Johanning [127] presented a set of equations to define the hydrodynamic damping of
a large-scale surface piercing circular cylinder. Taking these equations into account for
the current work, Eq. 4.65 can be considered as an estimation for the damping coefficient
due to wave radiation, c{v"d . As a consequence, a concentrated instead of a distributed
damping force should be admitted. This implies the utilization of a Dirac function that
will be one when x; = xf . Eq. 4.66 represents the damping matrix Ccv"d expected. The
presented expression results from equalling the dissipated energy with the energy over a
cycle if the structure oscillation is harmonic. This approach is similar to what was seen in
Eq. 4.61.

. _; 2
rad __ 8wnprgxz sinh (kOLSMbmerged) (e v H(koREXt)) (4.65)
sinh <2k0Lsubmerged ) + ZkOLsubmerged koRext .
Crad — crad { / 8 (xcy —xf) £, (xp) - £, (x1) dxy (4.60)
x1

Using this approach by Johanning [127], besides using a Hankel function (which uses
Bessel functions for its definition), introduces the utilization of a number named as wave
number k,. This wave number can be estimated. Appendix B presents the approach used
to obtain the wave number, admitting that the wave period is between 6 and 10 seconds 2
and a water depth between 20 and 30 meters.

According to Haslum [128], hydrodynamic radiation for a calm sea state (long wave
periods) can be safely disregarded. Even for short wave periods, the radiation component
of the hydrodynamic damping is not of much importance. According to Kementzetzidis
et al. [10], wave radiation can be disregarded for frequencies lower than 1 Hz (similar to
what was presented for soil radiation damping). A damping ratio, however, can be taken
into account. According to References [28], [31], and [39], the wave radiation damping

2These values were seen as calm sea state wave periods, as consulted from WindFinder on the final days of
June 2022.
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ratio is expected to fall between 0.11% and 0.24%. One should notice that the uncertainty
around these values is considerable. A damping ratio of 0.12% can be taken for the rest
of the present analysis.

Water viscous damping

The same assumption as the one performed for the soil is done here. Considering that
the damping force will act in a normal direction to the pile’s surface, a similar virtual
work equation can be reached. Eq. 4.67 shows the matrix form regarding the water
viscous damping, C'%.

T . .
5qu3~[ /O / cfjs-sinz(p.Rext-ffus(xl)-ff,z(xl)dxldq) -q,, = 06q,,-C)’-q,, “4.67)
1

The usual expression in literature for the water viscous damping coefficient ¢! is
given by Eq. 4.68, as seen in the work of Chen and Duffour [39]. Attention should be
given to the fact that the resulting damping coefficient is N.s/m. However, difficulties in
defining the root mean of the relative speed between the water wave-particle and the pile
(0,) and the modal shape (@) in advance. Consequently, an alternative expression is sug-
gested. The Eq. 4.69 is based on the proposed equation by Tao and Cai [129], where their
equation was divided by the total submerged length of the pile and the pile half perime-
ter to reach a damping coefficient that consists of a quantity per unit of area [N.s/m>].
The assumed expression results from an equivalence between Morison’s equation and an
alternative expression that relates the drag force by using an equivalent linear damping
coefficient ¢¥’%, where a pile-like structure (spar with heave plate) is considered.

. 1 d 8
Q= [ Spy -Cd\ﬁm(xl) 92 () dxy (4.68)
X1 2 Lsubmerged T
| 2d
vis _ — | . .—  _.KC-C 4.69
Cy 3 Ly BStokes Lsubmerged d d ( )

Chen and Duffour [39] observed that no significant influence came from the varying
drag coefficient C;. As such, in order to simplify the problem, and remove a nonlinear
dependence from the damping, a fixed value for the drag coefficient of 0.74 is considered
(according to the drag coefficient for a cylindrical rod perpendicular to the flow with an
aspect ratio L/d of 5, present in Applied Fluid Dynamics Handbook [130]).

As the Keulegan-Carpenter number (KC) depends on the relative speed between the
water wave-particle and the structure, a fixed KC value is suggested for simplification.
According to Chen and Duffour [39], for large diameter monopiles submerged in water,
the KC number expected will be low (around 10~ 2), while the Stokes parameter will
be large. A value less than five (5) is imposed. It is important to state that a low KC
is associated with inertia-dominated forces, while high KC values are associated with
notable drag-related forces. In Appendix B, it can be seen a formulation to define this
dimensionless number. In the same Appendix, a formulation for the Stokes number can
also be found. Using the same wave characteristics stated before for the water radiation
damping and assuming a maximum wave height of 2.1 meters 3, a value near 2 - 10~ for

3Value equivalent to 50% more than seen in very calm days, as consulted from WindFinder on the final days
of June 2022.
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KC is obtained.

According to Chen and Duffour [39], the overall water/hydrodynamic damping can
be disregarded. As OWTSs’ size increases, the damping ratio associated to this damping
source decreases significantly. According to Shirzadeh et al. [28], the water viscous-
origin damping will have less influence than the water radiation damping. As the radiation
damping generally tends to be ignored for low frequencies, following this line of thought,
so should the water viscous damping.

Aerodynamic damping

Aerodynamic damping is a damping source that is dependent on the wind speed that
passes through the wind turbine. A higher wind speed will generate a higher damping
force. However, the aerodynamic damping depends on the motion direction, i.e., a fore-
aft movement will be highly damped, while a side-side movement will not. The fore-aft
movement is comprehended to be aligned (or very close) with the wind loading direction,
which means that the wind will attenuate the wind turbine movement on that direction.
In the side-side direction, however, little to no resistance from the wind will exist, as it
consists of a perpendicular direction to the fore-aft direction. The aerodynamic damping
in the side-side direction can then be safely disregarded.

If it is considered that the OWT will be stopped, no significant aerodynamic damping
will be present. Chen and Duffour [39] mentioned that, for a parked turbine, damping
ratios between 0.08% and 0.24% can be seen. In a similar approach to what was stated
for the wave radiation damping, a damping ratio can be considered as an estimation of the
low damping expected from this source instead of just neglecting its existence.

Considering an equivalent (concentrated at one point) damping at the tower top, C,,
leads to the formulation seen in Eq. 4.71. It imposes the utilization of the Dirac func-
tion, where the function will be one when x; = x|. The quantification of the damping
coefficient consists of a complex task. Chen and Duffour [39] presented a method for its
determination. Due to the intrinsic complexity of such an approach and attending to the
specific characteristics of the analysed OWT experimental testing conditions, Eq. 4.70 is
a proposed simplification for the present case of a 3-blade wind turbine for the aerody-
namic damping coefficient ¢,. The complete expression can be consulted in the Chen and
Duffour [39], as they present all the deductions behind it.

Vwind ade _: adae
Cqg = 3pamc <Cgl d Sln(a()) +Clbl d COoS ((X())) R (470)
Co=cy V 8 (xy — ) £, (xy) - B, (xl)dxl] 4.71)
X1

According to EngineersEdge.com [131], the air density for an ambient temperature of
10 °C is 1.246 kg/m>, with a dynamic viscosity of 1.778x107>. It is worth mentioning
that for a shutdown test, the blades are pitch in such a way that ¢ is equal to 90°. For
the blade drag coefficient, following common values in literature and easily found in
Electrical Academia website [132], a value of 0.04 is adopted.
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4.3.4 Equations of motion

The equations of motion can be obtained by adding the contribution of each type of virtual
work together. By the virtual work principle, the summation of all virtual works will be
equal to zero as shown in Eq. 4.13. The construction of matrices allows the presentation of
the equations of motion in a more compact and friendly exposition, where the unknowns
will be the generalised coordinates. This representation for the case of a free vibration
(no loading) is seen in Eq. 4.72, as it comes from Eq. 4.13.

M, + Mg, 0 0 d,,
0 M,; + M), +M;, +M;, 0 < iy,
0 0 My +M5§+Mj| | dg
Cy,, 0 0 q,,
+1 0 Cuy+CP+CI 4 CU +C9 4 Cy Cuyp |4 s
0 Cou, Co | | 4o 4.72)
KE 0 0 7 (q,) (0
+10 KI+K, K, |-{q, =40

It should be noted that the solution of the integrals as presented in previous sub-
sections is computationally costly. As such, a variable change to reach each individual
sub-matrix presented in Eq. 4.72 is suggested. By changing the general coordinate x| to
a dimensionless local coordinate & that has a value between —1 and +1, a simplification
either in shape functions and in integral elaboration is achieved. A Jacobian determinant
is then needed to perform these changes, as demonstrated in Eq. 4.73. The derivative
chain rule can be applied to reach the derivative of the shape functions to x; from shape
functions defined on the coordinate &, as shown in Eq. 4.74.

dé 2

X|:%§—>€:%x1—>dxlzédé%al—7 (4.73)

dffi(x) _ dff;(§) d&

dyy  dE dxg

After the matrices are computed, an eigenproblem solution can be devised. Following

a similar approach as to the one presented by Meirovitch [133], it is possible to solve

the equations of motion, if desired. Eqs. 4.75 and 4.76 present the initial steps for this,

where the introduction of a second variable is necessary to reduce the degree of derivation

associated to the problem. The modal properties can be retrieved as presented in another
of Meirovitch work [134]. These are presented in Eqgs. 4.78 and 4.79.

FW%@+M{M+N{®=W}
- {y} [ {a} = {0}

R E IR RS i)
{%} = {Hﬁ} (4.76)
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A= —0,+io, 4.78)
o,

- (4.79)
v =1

Reminding that this is the approach taken in the Matlab script developed, Matlab
incorporated capacities allow the solution of the eigenproblem seen in Eq. 4.77. The
solution will take the form of Eq. 4.78. The natural frequency will be the imaginary part of
the solution, while the damping ratio will be given by the real part and after performing the
operation seen in Eq. 4.79. As numerical solutions are obtained from Matlab, solutions
that consider a null eigenfrequency represent a highly damped solution and should not be
considered. It is important to note that the analysed problem does not have a natural mode
with a frequency equal to zero.

4.4. Model Validation

4.4.1 Tower validation with analytical transversal vibrating beam so-
lutions

Resorting to Apontamentos de Vibragoes de Sistemas Mecdnicos [118], it is possible to
retrieve the analytical solutions for a constant circular cross-section beam. These can then
be compared with the solutions obtained through the simplified developed model using
a single element as the beam. Table 4.1 presents the analytical roots of the transversal
vibrating beam problem for different boundary conditions. Eq. 4.80 allows the transfor-
mation of these roots to natural frequencies.

Table 4.1. First significant natural frequencies for beams [118].

Boundary condition | Root (f;])

free-free 4.7300
clamped-clamped | 4.7300
hinge-hinge T

clamped-free 1.8751

(B | EI
fi=—_ AL (4.80)

Tables 4.3 and 4.4 present a summary of the convergence and validation studies per-
formed. The values presented in Table 4.1, besides considering a constant cross-section
beam, are based on the Bernoulli-Euler beam theory. As such, in order to validate the
model developed, the natural frequencies should be lower than the ones obtained through
the analytical method, but of the same order as them. This is due to the consideration of
the rotational inertia and shear deformation in the Timoshenko beam theory.
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For the validation study, a constant cross-section beam was considered to directly
compare the results to the analytical ones. Meanwhile, for the convergence study, a linear
variation of thickness and external radius of the cylinder beam was considered. For both
studies, no damping was considered and no lumped mass or other influence was added.
Table 4.2 presents the dimensions and properties of the considered circular beam used in
these tests to represent a very simplified version of a random OWT tower.

Table 4.2. Validation beam properties and dimensions.

Property | Value [Unit]
E 210 GPa
P 7800 kg/m?
v 0.3
Ry 275 m
t 005 m
l 80 m

The case of clamped-free was taken as a case to conclude the number of shape func-
tions that are needed to have a solution convergence. This is presented in Table 4.3. The
longitudinal displacement is not relevant in a bending problem. Consequently, the number
of shape functions for the longitudinal component was not increased in the convergence
study. Using this simple beam, convergence regarding the third decimal house is achieved
with the minimal number of shape functions (6), while convergence for the fourth decimal
house is achieved from 10 shape functions, as observed in Table 4.3. As in reality there is
no need for more precision in natural frequency determination, and the variability of the
fifth and remaining decimals is not seen as important. This leads to the conclusion that
a minimal of 12 shape functions should be used to have coherent results, recommending
that 15 shape functions should be used for a good result acquisition, and at least 20 shape
functions for a high degree of accuracy. It is important to note once again that this con-
vergence study relies in a constant cross-section beam, which is far simpler case than the
real geometry of OWTs.

Table 4.3. Convergence study performed considering a constant cross-section, non-damped
structure and a clamped-free boundary condition.

No. Shape Functions | Undamped natural frequency [Hz]

Puy = Puy = Pir =6 0.86997
Puy = 0;pu; = pu =8 0.86987
Puy = 6;pu; = pu = 10 0.86984
Puy = 6;puy = pu = 12 0.86982
Puy = 6;puy = pu =15 0.86980
Puy = 6;puy = pu =17 0.86980
Pu; = 6, puy = pu = 19 0.86979
Puy = 6;puy = pu =21 0.86979
Puy = 6;puy = pu =23 0.86979
Puy = 6;puy = pu =25 0.86978
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The values presented in Table 4.4 for the model natural frequencies were obtained
using 20 shape functions for each coordinate, as it is the shape function number that cor-
responds to convergence. However, as it is possible to observe in Table 4.3, 15 shape
functions is an acceptable number of shape functions in terms of balance between com-
putational cost and solution precision. Throughout the performed studies, it was seen that
using 20 or more shape functions with a single element can lead to numerical issues in
terms of solving the presented integrals. Consequently, it is advised to use a maximum
of 18 shape functions. These numerical issues mean that more elements should be used.
Still, for simplicity’s sake and seeing that a given convergence is obtained by using more
than 15 shape functions, the division of the structure into more elements can be disre-
garded.

Table 4.4. Model validation frequencies (Hz), after convergence study, with the beam analytical
natural frequencies (Hz).

Condition ‘ free-free clamped-clamped hinged-hinged clamped-free
Analytical f | 5.563 5.563 2.454 0.874
Model f 5.433 5.336 2.428 0.870

Throughout every analysed case of analytical validation, the model developed pre-
sented a smaller fundamental natural frequency than the analytical obtained one. Once
more, the introduction of the rotational influence by using Timoshenko beam elements
instead of the Euler-Bernoulli beam elements as the ones from the analytical solution led
to this situation. For that reason, the model is then considered validated for the analytical
shown cases, i.e., from a simple beam point of view.

4.4.2 Tower validation with developed analytical transversal vibrat-
ing beam solutions, considering a rigid body

Considering a beam clamped on one side and free on the other side with a rigid body
(concentrated mass and inertia), an analytical solution was developed to further validate
the model approach. This solution assumes a homogeneous and isotropic beam and as-
sumes that the mass centre of the rigid body coincides with the top point of the beam.
Simplifying further the problem of what can be considered a very simple approach to a
wind turbine problem, it is imposed that the mass centre of the rigid body coincides with
the free-end of the beam. Fig. 4.7 presents this simple system.

Attending to the boundary conditions, shown in Eq. 4.81, a general solution in space
V(x) can be deployed as presented in Eq. 4.82. The solution regarding time is not im-
portant for the purpose of the current exposition and will be disregarded from here on in.
Note that the B parameter is related to @ through Eq. 4.80.

() . (L) (4.81)
x=1 {_El a7 = JRNA 5o
2 v(l,1) d%v(Lt)
EI P — NA o012
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Fig. 4.7. Beam clamped at one end and connected to a rigid body at the other end.

V(x) = Ajcosh(Bx)+ Az sinh (Bx) + Az cos (Bx) +Agsin (Bx) (4.82)

Applying the boundary conditions, the general solution can be simplified and an over-
all problem equation reached. Eq. 4.83 shows the developed general problem equation
in an equivalent matrix representation. The problem is further solved by equaling the
determinant of the matrix of the equation system to zero to obtain non-trivial solutions.

Dy Dia| JAr| _ JO
D>y Dxpn| |A2 0

Dy = (cosh(B1)+cos(Bl)) — ﬁ3(sinh(ﬁl) +sin (B1)) (4.83)
Dy = (sinh (BI) +sin (1)) — pAB (cosh(Bl) —cos(Bl))
D, = (sinh (B1) —sin(Bl)) — pAﬁ(cosh(ﬁl) —cos (1))
Dy = (cosh (B1) +cos (BI)) — B(smh (Bl) —sin(B1))

After determining the natural frequencies by solving the previously stated system in
order to B/ and using the relation seen in Eq. 4.80, the mode shapes can also be found.
Using a given relation between A, and A; of the existing ones from Eq. 4.83, where a
value is assumed for one of the constants, it is possible to plot a given mode shape of the
studied structure.

Table 4.5 presents the values obtained to validate the developed model in this matter.
The study considered a constant section beam, with the dimensions and properties seen
in Table 4.2 plus a rigid body with a concentrated mass of 400 tonnes and an inertia
of 60 x 10° kg.m? on the free extremity of the beam. A set of different shape function
numbers was studied to confirm convergence. Similar conclusions to the ones presented
in the previous sub-section were reached, with 20 shape functions being used to validate
the model.
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Table 4.5. Model validation frequency regarding a constant section beam that is clamped at one
end and has a rigid body at the other end.

Analytical f Model f
0426 Hz 0.424 Hz

This validation case is very similar to an analytical case of a clamped onshore wind
turbine. A validation considering a more close representation of an offshore wind turbine
and validation of soil and water interferences on the structure was searched, but insuffi-
cient data led to the impossibility of implementing such validation process.

4.5. Model calibration

As some simplifying considerations are applied to make an easier modelling approach, a
model calibration should be performed to ensure that the results obtained do not derive
from the model itself, but from the inputted properties and OWT characteristics. As such,
this sub-section presents the steps necessary to carry out a correct model calibration.

Model calibration can be based on another model if this model is well validated with
experimental data. From this starting point, first, the tower of the wind turbine is cali-
brated using HAWC2-like software with well-validated simulation.

Before starting the model calibration itself, the differences in modelling led to differ-
ences in the overall mass of the structure. By dividing the actual mass of the structure by
the calculated mass of the simulated structure, a mass correction factor can be obtained.
This mass correction is then employed to the mass density of the structure material to en-
sure that the same structural mass is reached. Regarding stiffness, a direct correction fac-
tor does not exist. As a consequence, having the natural frequencies from a well-validated
situation, an iterative process has to be carried out to reach the stiffness correction factor
that accounts for the minimal error considering both the fore-aft and side-side fundamen-
tal frequencies. Special attention is provided to the fundamental frequencies as these were
found to be the main influence factor on the deformed shape of the structure.

An initial step was performed to correct the mass of the structure, as it is possible
that the model used to represent the OWT is not entirely identical to the OWT itself. A
possible cause are simplifications of linear variations for a given section of the structure.
Consequently, the actual mass of the structure should be inputted. A mass correction
factor is then given by Eq. 4.84:

Myeal _ Myeal
Meglc pﬂ?fé (Rgxt (x) —R-2

int

Mcorr = (484)

(x)) dx

As significant differences can occur regarding the total mass of the structure, then
significant differences, with more weight on the results obtained, can occur regarding the
overall system stiffness. Appendix C shows the analytical approach given on the subject,
where a general stiffness correction factor equal to the cubic of the mass correction factor
was achieved. This assumption was validated recurring to natural frequencies comparison
with the benchmark model. Relative errors for problems considering only the tower with
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top mass and no foundation (the tower is considered clamped at its bottom and free at the
top) below 1% were registered.

Throughout this study of correction factors, it was seen that the main stiffness influ-
encer regarding first mode bending is the component K‘g . This can also be explicated by
analysing the equations in Appendix C. Summarizing, the fact that this stiffness compo-
nent is defined by the difference between the fourth power outer radius and the fourth
power inner radius compensates for the variation seen by the difference of the squared
outer radius and the squared inner radius. The following and more correct approach is
then to correct not the overall stiffness matrix with a single correction factor, but to use
different correction factors, depending on the formulation difference. As only this com-
ponent, K&, has a different formulation, being defined by the difference of 4th power
elements, while the rest of the stiffness components all are defined by the difference of
squared elements, The stiffness correction factor stated before should then be applied to
this component, and a stiffness correction factor equal to the mass correction factor should
be applied for all remaining components. Eq. 4.85 then states the stiffness correction fac-
tor that was used to correct the structural stiffness of the modelled OWT:

Keorr = Meorr>, applied to Kg (4.85)
Kcorr = Moy, applied to the rest '

Given the simplifications performed, only the tower was calibrated. The whole struc-
ture, accounting for the monopile and transition piece was not considered, as their con-
nection consists of a grouted mass. This grouted mass introduces extra stiffness and mass
to the structure. This quantification, however, is not known and the literature does not
present a realistic approach to this matter. As such, during the modelling of the structure,
this connection was seen as being a variation of a section and an equivalent section was
assumed to reach the stiffness and mass values of this connection. However, if the grouted
mass is known, a mass correction can take place for all the structures, but difficulties with
stiffness quantification of the connection can still exist.

This calibration process then allows the generalization of the developed model for
different cases without the necessity of a calibration study beforehand. Thus, by knowing
the real mass of the tower, both the mass and stiffness correction factors can be computed
and the model calibrated as such. It is important to note that this process is only valid if
a linear approximation is considered for the variation of the outer diameter and thickness
of the tower.

4.6. Damping sources sensitivity

The previously presented damping formulations consist of literature recommendations
and simplifications. As a consequence, they may be wrong about the desired conditions
of implementation. This sub-section pretends to show, in a simplified manner, the degree
of influence that the proposed formulation for different damping sources has on the fun-
damental frequency of the OWT. If a given damping source has an influence lower than
0.1%, then it is safe to disregard the formulation of that damping source entirely from
the model. Attention should be provided to the fact that this does not necessarily mean
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that the damping source does not exist or significantly influence the fundamental natural
frequency of those conditions, it means that the proposed formulation does not create a
significant influence to be considered in the model.

The structural damping is considered the base damping source, being the reference for
all remaining damping analyses. The introduced damping effect from a given damping
source will be compared to the influence that structural damping has when compared
to an undamped situation. A hypothetical OWT was then considered to perform this
analysis. The tower of this hypothetical OWT is given by the characterisation seen in
Table 4.2, while the support structure is characterised by what is seen in Table 4.6. For
simplification, the transition piece that usually exists will not be included in this defined
generic OWT structure. A rigid body to simulate the RNA was considered. Its properties
are as defined previously in the sub-section referring to the validation of the model with
a rigid body. A supposed blade length (described circumference radius) of 60 meters
was admitted. The air was assumed to be subjected to 10 °C and a wind speed of 8 m/s.
A generic soil will also be used for this investigation. The soil stratum considered is
represented in Fig. 4.8.

Table 4.6. Generic support structure properties and dimensions.

Property | Value [Unit]
E 210 GPa
P 7800 kg/m?
% 0.3
Ry 3.25 m
t 0.07 m
Lembedded 24 m
Lsubmerged 20 m

The presented generic soil properties were based on different literature that studied
OWT responses considering SSI effects. For the clay layer, Refs. [39] and [53] were
consulted. For the sand layers, Refs. [11], [16], and [39] were consulted. For the as-
sumption of the Poisson’s ratio, Refs. [59] and [72] were consulted. Once again, this
soil stratum is a generic assumption and does not represent any specific location. The
sand-clay-sand disposition consists of a commonly seen stratum in literature and allows
the implementation of the damping sources on different soil types.

Table 4.7 presents all the damping influence results on the undamped fundamental
frequency of a generic hypothetical OWT. The consideration of damping, even when
admitting all damping sources, lead to a relative difference on the fundamental natural
frequency of 0.04%. This means that even tho a combined damping ratio of around 2%
was observed, decreasing the undamped fundamental natural frequency from 0.2539 Hz
to 0.2538 Hz, the impact on the fundamental frequency of the system is negligible. Con-
sequently, it is safe to disregard damping altogether and perform the analyses from an
undamped point-of-view.

As only the stationary condition was studied, the present study also supports the state-
ments of Noren-Cosgriff and Kaynia [12]. They said that, for a stationary wind turbine,
the OWT damped response would be dominated by the soil damping, Meanwhile, for an
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@ = 33°E =20 MPa,

SAND v’ = 10 kN/m3,v = 0.375
¢, = 125kPa, E = 87 MPa, &5¢ = 0.5%
CLAY y' = 10kN/m3,v = 0.215,] = 0.25
@ = 39°E =107 MPa,
SAND y' = 10kN/m3,v = 0.375

Fig. 4.8. Generic soil stratum considered for the investigation of the influence of damping source
formulations on the fundamental frequency.

Table 4.7. Influencing quantification of different damping sources on the undamped fundamental
frequency of a generic OWT.

Damping source | Influence
Structural 0.01%
Aerodynamic 0.00%
Soil radiation 0.02%
Soil hysteresis 0.02%
Water radiation 0.00%
Water viscous 0.00%
All sources 0.04%
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operating OWT, aerodynamic damping is expected to be dominating damping source, as
reported by various literature.

Shirzadeh et al. [28] state that the principal hydrodynamic damping is due to the water
radiation, as structure deflections and relative velocities are small and lead to smaller
values of water viscous damping. In this study, they provided similar degrees of impact
on the fundamental natural frequency. Either way, the impact seen was negligible for both
hydrodynamic sources and conclusions cannot be drawn on this topic.

4.7. Model Limitations

The developed model can be seen as a very simplified approach when compared with
the real system. The model considers that a linear variation of the outer diameter and
thickness occurs in the tapered sections of the OWT structure. Although a calibration
process is performed, this process still has some degree of error associated to it, besides
only considering the tower of the wind turbine. This is important, as the grout part that
connects the monopile to the transition piece is considered through an equivalent outer
diameter and thickness, i.e., in this connection region, it is considered that the transition
piece and the monopile are one single (together) piece.

Limitations then exist that will be responsible for the error that may be found when
using the formulated model. As the soil stiffness formulation will be developed consider-
ing the results from the developed model, employing that formulation in a well-validated
model can also result in discrepancies.

Starting with the simpler one-element model, the system can substitute the whole
foundation through a rigid connection (clamped boundary condition), as well as replace
the RNA with a concentrated mass plus inertia. These are very simple and common
simplifications performed throughout the literature. However, these simplifications do not
capture the contribution of different vibration modes from different structural components
besides the tower, as well as considering an overly stiff foundation.

As reported by Damgaard et al. [15], the fixed wind turbine has higher natural frequen-
cies than the ones measured. This is a consequence of having an overly stiff foundation
than in reality. As such, a simplified one-element model is usually upgraded to a multi-
element model where soil interaction is considered. Damgaard et al. [15] also reported
that considering common p-y curves to account for the soil reaction on the pile that com-
poses the OWT foundation leads to a softer foundation than in reality. The reasons why
that happens have been exposed elsewhere in this work.

The consideration of only considering cylinder beam elements leads to the utiliza-
tion of lumped mass and inertia to substitute other elements that are not included in that
definition, such as the RNA. A note should be performed as to say that the RNA will
have different inertia if a different direction is considered. This is due to the eccentricity
created by the blades and rotor.

On the simpler one-element model, the only damping considered was the structural
damping. If the results would be compared with the real-life wind turbine damping, in-
creased damping would be noted, as other sources of damping would be present. Since
the one element model is used to validate the structural properties and characteristics of
the model, with the results being compared to the results from the model used at Ves-
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tas, these are not limitations. However, when considering the multi-element model and a
more complex one-element model, besides the structural damping, other sources of damp-
ing have to be considered. As such, some sources of damping that are commonly disre-
garded in the literature have been considered/formulated. This consideration might be
non-conservative, as the different damping sources quantification have different origins
and were retrieved from various literature reviews, some of which did not specifically
broach the monopile OWT. Besides that, some damping coefficients are not constant and
are frequency-dependent. In order to simplify, the coefficients were calculated using a
linear fundamental natural frequency. Some errors may come from this simplification.

Considering all these points, it’s possible to consider the position of the developed
model. Being the developed model a single element p-version model where the soil in-
teraction is also accounted for, the limitation of the clamped situation does not apply.
However, numerical resolution can be a problem when using high degrees shape func-
tions, especially for large structures with high geometric variability (due to soil properties
or geometry) throughout their length. These limitations can lead to a poor resolution of
the obtained result, as convergence is only possible for the first decimal numbers. As the
natural frequencies are commonly reported up to four decimal numbers for high preci-
sion, if this is guaranteed, this limitation can be disregarded. Still, some errors can occur
from this source.

Another limitation comes from the SSI consideration. Different approaches are re-
ported in the literature, from considering a linear behaviour to a complex constitutive law
for the soil, with hardening or softening. As to simplify the problem at hand, a small
strain situation was considered for the soil behaviour. This consideration is acceptable in
modal properties analysis, as small displacements are usually considered. However, the
cyclic and overall dynamic behaviour of the soil will have an important influence on the
general properties of the soil with time. This means that considering a small strain situ-
ation might be a good approximation to linearise the soil reaction, but might not include
the soil changes that happen in long term. This might be the most important limitation of
the model. A set of parallel and/or series springs, where each spring represents a given
influence factor on the soil stiffness, can be considered to try and account for different
aspects and non-linearities of the soil.

As different effects on the SSI take place in terms of the existing lateral resistance, the
developed model and overall approach to the problem considered only the direct lateral
resistance of the soil. No base shear or moment was considered. Likewise, no distributed
influence of the shear stress across the pile length was considered. The consideration of
these contributions can help increase the overall soil stiffness, as literature states that they
are important for rigid-like-behaving piles.

4.8. Final remarks

A simple model was developed using a single Timoshenko p-version finite element to rep-
resent the OWT. A convergence study was performed to determine the minimum degree
of the shape functions that guarantees a convergence result to the fourth decimal number.
Numerical issues can occur for very large structures when using a very high degree for
the shape functions. Although this problem can occur, for the case studied a shape func-
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tion number can be used that assures convergence for the decimal number intended. For
the developed model, 15 shape functions were seen as an acceptable minimum number
of shape functions, 18 shape functions were defined as the number of shape functions
that avoid numerical issues, and 20 shape functions are the minimum number assumed to
obtain a very high degree of precision on the result acquired.

It was observed throughout the developed model and follow-up studies that the shape
functions in the u#; direction have no direct effect on the lateral behaviour of the structure.
This happens as there is no coupling between the effects on this direction with the ones
that are linked with lateral deflection (bending) - u3 and 6. To further reduce computa-
tional costs, the shape functions number in this direction can be reduced to a low value
(as, for example, six) or be scrapped altogether. This is also admitted in several works,
although often not explicitly said. For this reason, no soil stiffness was modelled in this
direction.

Two analytical validations were performed, one considering a constant section beam
with different boundary conditions and another considering a constant section beam clamped
at one end and with a rigid body attached at the other end. As the analytical result is ob-
tained using the Euler-Bernoulli theory, the model should produce lower natural frequen-
cies, as the rotation of the section is considered. This was confirmed in every analytical
situation considered.

To further validate the model, as simplifications regarding the linear variation of the
tapered areas of the tower were assumed, a calibration was performed by comparing the
values obtained from the developed model with the values obtained from a benchmark
model. Correcting first the mass of the structure and relating it with the stiffness correction
expected, a good fit with an error of less than 2% for the side-side and fore-aft natural
frequencies was obtained. These errors were deemed acceptable as the benchmark model
consists of a modal approach model and the developed model consists of a single element
model with concentrated masses to represent other components.

Due to the nature of the model itself, several limitations exist. Considering the overall
simplicity of the model, a given error is expected to occur. The correction performed to
calibrate the model is not perfect and the number of shape functions and overall numerical
integration performed to reach the final values can introduce errors. The consideration of
other components as point masses instead of a connected body also does not allow for the
full influence on the natural mode of the structure.

The SSI is another source of limitation. The simple consideration and how it was
considered throughout the model development, the introduction of more complex ways
of modelling the soil are not viable. The introduction of non-linear behaviours, as well
as hardening/softening coming from cyclic and stress history of the soil, need an itera-
tive process that was not considered in the model formulation. The developed model only
considers a small-strain (initial) stiffness of the soil, as it assumes that the lateral displace-
ments are very low and no significant strain is developed on the soil. A set of influence
factors/coefficients were considered to try and introduce these influences in a very simple
and uncomplicated way.

Difficulties were faced when modelling each damping source, as no direct and general
formulation is widely proposed, and neither there is a verified way to identify the contri-
bution of each damping source. As such, a suitability test had to be performed. As stated
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in different literature, the non-existence of proper damping formulation for each damping
source might lead to errors as a damping source that can be important is disregarded.

The overall take on damping regarding the present work was to dismiss any damp-
ing source and work with the undamped frequencies of the system. This decision resulted
from a study regarding the influence on the natural frequencies from the different damping
sources. Nevertheless, the main body of the developed code model, present in Appendix
D, contains the different damping sources formulation. The damping disregard was per-
formed through an input file.
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Chapter 5

Experimental versus modelling results

The studied OWTs are located at the Norther Offshore Wind farm. Fig. 5.1 presents
the overview map of all the OWTs there installed. The studied OWTs are the WTGO07,
WTG22, WTG33, and WTG37. The soils where their monopiles are embedded consists
on a combination of sand and clay layers, where the soils are predominately composed
by clay with the exception of the case of the WTGO7. Fig. 5.2 presents an OWT struc-
ture example from Assessment of the dynamic behaviour of saturated soil subjected to
cyclic loading from offshore monopile wind turbine foundations [15] that is very similar
to the ones studied here. It is important to remind that the developed model considers a
linear variation of the outer diameter and thickness on all tapered sections present in the
considered structure.

Layout Norther windfarm

Rentel Area A

C-power I (Block B)

Cpower I (Block A)

Fig. 5.1. Overview map of the Norther Offshore Wind farm [135].

The tests performed on the mentioned OWTs are not standstill turbine tests, they are
a form of decay tests and other low wind operational data tests. Consequently, different
factors that are difficult to account for exist. The formulated damping estimations pre-

105



L

0D=2300
QD=2450

/

OD=2509

T

OD=2568

OD-2647

OD4500X65
1
=

0OD=2726
OD-2805

Vi
T
OD4500X65
I
|
W
=)

T

25500
’
7
54100

OD=2884

]
7

OD=2963

0OD4500X70

7
7
0OD4500X75

0D=3042

il

0OD=3121

OD=3200
OD=3293

OD4500X65

r

OD=

r
7

0OD=3552

1

OD=3680

0D4740x45
1
e

)
7

14100

W

OD=3808

24200

93

0OD4500X60
5

OD=4064

i

0D4740X55

|
w
=

a

s e o

7100

OD=4184

OD47{4OX45
7

ﬁ

)
=

<
*
<
<
p
o+
yi
<

QD=4300

L L

() (b) (

|

(2]

)

Fig. 5.2. Geometry of an offshore wind turbine structure: (a) monopile foundation, (b) transition
piece, and (c) tower [15].

sented in Chapter 4 considered a standstill situation. This means that a slight error can
exist when considering a damped situation.

As the first frequencies of the fore-aft and side-side modes are very close together,
some degree of coupling is expected between these. The dynamic energy will be trans-
ferred from the highest damped mode to the lowest, leading to an impossible acquisition
of pure modes. Inaccurate estimations of the modal damping might be obtained due to
this occurrence. However, in “rotor-stop”/shutdown (decay) tests a very small influence
of external forces exist, leading to a close pure mode vibration/excitation [31].

According to Noren-Cosgriff and Kaynia [12], usually there isn’t a preferred direction
for the wind and waves to act on the wind turbine. This means that there isn’t a clear
dominant direction of loading application. As loading varies from location to location,
available data can contradict this. For the present case, this data is not available. It was
assumed that all relevant loads are applied on a same plane of action.

Due to a Non-Disclosure Agreement, the results from the experimental tests, as well
as the simulated values using a validated model of the tested OWTs cannot be shown.
Consequently, all data from here on out will be normalised. The normalization will be
based on different quantities, attending to the property analysed. A priority to present
errors and relative increase/decrease will then be performed.
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5.1. Soil modelling proposals

As the objective of the present work is to introduce different and new ways of representing
the Soil-Structure Interaction associated to OWTs, a set of different formulations were de-
veloped. A small-strain stiffness (initial stiffness) was considered throughout the several
proposals presented and analysed. Wanting to consider in an explicit way the connection
between soil and structure properties, at the start the soil shear modulus formulation was
used as a base. Table 5.1 presents a summary of every soil modelling proposal elaborated.
These proposals are then explained, one by one on the remaining of this section.

Table 5.1. Soil modelling proposals summary.

Proposal Formulation
1/12 2Rext
N Es E‘A‘(Zﬂ:Re)ct)4 pu L L
Proposal 1 ks = 2Rea (1-V2) [ ET TRex6OCR \ 2R o
2Rext
PrO Osa12 k . ESOCRO'ZS ESOCRO'ZS(zﬂR‘,xT)4 1/12 Iy I lfx
p S = W (112 El TR 0/OCR \ 2R
2R,
Proposal 3 | k. — 2 E,OCRO (27R ) 1/12 e L 2L | ki - z, for sand
p A TR oyt El ﬂRexfO-IOCR 2R oxt 0023pu fOI‘ Clay
2Rext
Proposal 4 k. — 4G;0CR*? [ E;OCR> (27Rey;)* vz, L\ T
p S = T 2Ruq El TRex6/OCR \ 2R
b X
Proposal 5 ky = kbase/pro + 2 — 0 (2C4 +80)

Considering the work done by Prendergast and Gavin [17] and using the Vesic expres-
sion presented in that work as a formulation base (see Eq. 5.1), a general formulation can
be derived. This general formulation is presented in Eq. 5.2, where two main influence
inputs can be regarded: Cpg, which is a coefficient that accounts for the presence of soil
around the pile (its minimum value should be 0.65, as given by Vesic expression, and a
maximum value of double the minimum value), and Cyy, which is a coefficient that allows
further correction of the soil stiffness attending to different influences.

47 1/12
(_ O0O6SE, | E(2Re) (5.1)
S 2Rext(1_vs2) El |
CorE £ (ZR )4 1/12
PRLs s ext
i — C 52
s 2Rext<1 - vsz) El " ( )

The necessity of implementing correction factors arises from the fact that the Vesic
formulation comes from a slender approach on the subject. Consequently, Eq. 5.1 is used
for situations where an infinite flexible beam can be considered, with the soil being an
elastic-isotropic and homogeneous medium. This is disclosed on his work [136], as well
as on the first solution formulation performed by Biot [137]. Likewise, the API Standard
also presents a formulation that consists on a slender approach.

The Cpg coefficient should be 0.65 if soil is considered to exist only at one side, or 1.3
if soil is considered to be fully in contact on both sides. Studies performed by Ashford and
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Juirnarongrit stated in Prendergast and Gavin work [17] have shown that a value of 1.0
provides close agreement between the upper and lower bound of estimations and accounts
for the possibility of gap formation. This parameter can then empirically be changed to
better suit a given soil condition, although no guideline is provided.

The Cjy intends to include all possible non-stated influence into the stiffness calcu-
lation. Examples of these influences are the over-consolidation ratio of the soil, verti-
cal/horizontal soil stress at a given depth, soil bearing capacity, etc. A special attention
should be given to ensure that this coefficient remains dimensionless, as the stiffness con-
sidered should be a quantity of N/m>. The most important influences on the SSI problem
in hand have been broached in Chapter 3.

The first proposal, seen in Eq. 5.3, utilizes the same coefficient as the modified Vesic
expression (Cpg = 1.0) and tries to account for the pressure variation with depth, using a
dimensionless relation based on the one used in the PISA design model for dimensionless
pressure, as well as considering an influence of the aspect ratio of the pile. Different
steps were taken to reach this final proposal, with different dimensionless pressure factors
studied. Meanwhile, the aspect ratio factor is an expression that will only be valid for
aspect ratios bigger than 3. As the studied structures have aspect ratios between 3 and 5,
this is not a problem.

41/12 Ry
k E; E; (277:Rext) Pu ( L > L
s

— 5.3
ST 2R (1—V2) EI TR ext0/OCR \ 2R . (5-3)

Regarding in more detail the steps taken to reach the first proposal, a differentiation
between sand and clay soils was first performed for the dimensionless pressure factor, but
low correction for clay was deemed insufficient. Also the connection between two soil
properties doesn’t present the relation of the capacity of the soil and the acting force/-
pressure acting on it. Consequently, a general approach was used considering the bearing
capacity of the soil and the effective vertical stress.

As stress history is important in the soil properties evolution throughout time, the
over-consolidation ratio was considered. Although, according to Zdravkovic et al. [73],
this factor doesn’t influence the stiffness in a significant way, it was deemed essential the
incorporation of a stress history influence. Furthermore, there isn’t consensus on if and
how the over-consolidation influences the soil stiffness due to its anisotropic nature. The
multiplication of this ratio with the effective vertical stress leads to the pre-consolidation
effective stress, which correlates with the stress history of the soil.

L/ . Sand
C,, = TR O, —Cp, = L/ —Cp, = p—”/ (5.4)
ﬂR]ZI:tSu , clay TRext Oy AR ex 0,0CR

As the necessary data to correctly quantify the over-consolidation ratio was not avail-
able, it was estimated for clays by using the expression present in Appendix A, Eq. A.4,
while for sands a certain percentage of the limit OCR was assumed. The limit OCR ex-
pression is presented in the same Appendix mentioned. The percentage considered is
presented in Eq. A.5 of that same Appendix.

However, a note should be given to the uncertainty of this expression as it sits. It’s
the author opinion that a different influence factor should be considered to account for the
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stress history, since stress history can increase or decrease the stiffness of the soil. An
example of a situation that could lead to different results is scour. As scour occurs, part
of the soil is removed, while the adjacent soil layers increase in their over-consolidation,
altering all the soil properties of the adjacent layers in the process. A more detailed study
with this factor in different conditions should then be performed to validate the utilization
of this factor.

Likewise, after performing a series of tests, it was observed that this influence factor
as it is formulated will tend to infinite when the denominator tends to zero. Consequently,
it was set that this influence factor is only viable for depths bigger than 1 meter. This
reference depth was regularly seen as the point where a stiffness increase, specially on
superficial clay layers, occurred. Attention to this should then be provided. For the su-
perficial layers, half of this influence factor at the 1 meter depth mark as considered,
admitting that this factor would decrease in direction to the mudline level.

The dimensionless influence parameter (C;y = C),, ), seen in Eq. 5.4, also considered
the half of the outer perimeter of the structure and not only the diameter, as the outer
perimeter is expected to better represent the line of influence. Using the same line of
thought, a © was introduced inside the bending relation between the soil reaction and
the structure bending moment, as a more direct meaning can be achieved, since the soil
modulus doesn’t act on a diameter, it would act on a perimeter or area. For this reason, as
the the structure is comprised of a circular beam, a 7 would appear in the formulation.

Using as inspiration the expression that relates two adjacent layers in a soil stratum
composed by two soil layers present in Jia’s Soil Dynamics and Foundation Modeling
Offshore and Earthquake Engineering [2], a proposal for the aspect ratio factor was elab-
orated. Before reaching the seen expression in Eq. 5.3, a relation similar to the one seen
in the previously mentioned book equation was formulated, where an effort was done to
have a parameter close to the unity for high aspect ratios (common of oil and gas piles).
However, the first formulated expression was elaborated and had two degrees of freedom
in terms of adjusting the factor. Consequently, a simpler expression was assumed, ac-
counting for an increase in stiffness for rigid piles in agreement with what was seen in
literature. This influence parameter is represented in Eq. 5.5 with its evolution, and a plot
can be regarded in Fig. 5.3. Through this plot it is evidently observed that a significant ef-
fect (increase of up to 40%) only exists for aspect ratios below 10, which are the common
ratios seen in the wind industry when employing monopiles. The final proposed equation
for the aspect ratio influence factor is only valid for aspect ratios larger than 3.

ext

3/ [ \ L8 Lo\
=3 (ZRm> = G (2Rm> ©-)

This, once again, raises the importance of further validation considering simpler situ-
ations that can be tested, as the ones performed by Prendergast et al. while investigating
the scour effect (Refs. [68] and [89]). Besides the validation of these individual influence
factors, its combined influence should also be seen. Missing available information didn’t
allow for any validation on this regard.

Following the results seen in Darendeli’s work [70], where an increase of the soil shear
modulus occurs as a bigger over-consolidation ratio is considered, it was considered that
all soil moduli should be multiplied by the over-consolidation ratio. This is the base for

109



L/D i parameter variation

25 T T T T T
——1.5. (LUD) 1841
\ Lot

Cpl-

LD/-

Fig. 5.3. L/d influence parameter variation with different aspect ratios.

the second proposal, and it consists on a direct modification of the first proposal. However,
the increase of the soil moduli is not linear. After analysing the data made available by
Darendei [70], a shear stress increase close to OCR%>> was observed. Eq. 5.6 presents
the proposed stiffness formulation accounting for a direct influence on the soil moduli:

E;OCR*®

k. =
P 2Re(1—v2)

(5.6)

1/12 2Rext
E,OCR%? (27R,)* / Pu L\ &
EI TR ;6 OCR \ 2R .x;

After extensively analysing the previous proposals, a third proposal was derived con-
sidering the API/DNV Standard approach/stiffness and correcting it with the same influ-
ence factors as the ones present in the first proposal. Additionally, the bending influence
factor as seen in the Vesic formulation was introduced to account for the SSI. The same
exponent was considered for the sake of simplicity. An important note should be re-
marked as the initial stiffness obtained from the Standards come from deriving the p-y
curves expressions. This leads to a stiffness of N/m?, so a further correction should be
implemented if a subgrade modulus reaction (stiffness in N/m?) is desired. As a conse-
quence, while using the same base expression, instead of using a continuous method by
integrating, as used in the developed model, it is necessary to discretise the stiffness. For
such, to reach an equivalent spring force, the spring stiffness per unit length is multiplied
by the spacing between successive springs and by the lateral displacement. Although the
direct application of the previous expressions could be made, since it was considered that
those expressions are applied to the normal of the pile and then integrated around it, for
the discrete approach, a pre-multiplication by 7 /2 if it is considered than only half of the
pile circumference will be subjected to soil resistance or by 7 if all of the pile circum-
ference is assumed to be subjected to a soil reaction. Eq. 5.7 presents the corrected soil
stiffness for a discrete approach:

T ) T
kfv = /() kg Sln2 ((P)Rextd(P = kszRext- (57)
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With this in mind, the third proposal ended up as seen in Eq. 5.8. Again, the same
considerations were taken into account as the ones for the second proposal, since this is
an evolution that takes into account more of the soil characteristics than the first proposal.

1/12 R
2 | E;OCR*® (27Roy)* / Pu L £ [ king - z, for sand
SRR,y EI TR0, OCR \ 2R,y 06.213 y’Z « . for clay

(5.8)

All the considerations applied on the Vesic formulation were admitted to be applied
on the API Standard since it’s also based on a slender/flexible structure and the analysed
structure is consisted of a rigid-like structure. An added factor that is common to the
previous proposal is also admitted to link the soil reaction with the bending of the structure
(through its bending moment). This is supported by the fact that, for rigid-like behaved
piles, as according to Zhang et al. [51], the soil stiffness will be dependent on the soil
elastic parameters and overall dimensions of the pile.

According to Zhang and Andersen [7], when considering a fully rough and bonding
interface between the soil and the structure, a soil stiffness around 4 times the soil shear
modulus is obtained. As such, the fourth proposal will regard this as the starting point, i.e.,
the starting point is what can be regarded in Eq. 5.9. As to account the SSI, a correction
factor based on the Vesic formulation was added. Introducing all remaining and already
presented factors, the final expression for the fourth proposal is given by Eq. 5.10.

4G,
ky = 5.9
= 2R (5.9
1/12 2Rext
 4G,0CR*® | E,OCR*? (27R )" / Pu LYY 510
S 2Ry EI TRy G.OCR \ 2R,y '

This proposal is expect to present similar values to the ones presented by the second
proposal. Since both approaches consider the soil moduli, the stiffness profile evolution
with depth will have the same relative shape. Consequently, only a multiplying factor will
differ from these two proposals.

It is then important to note that the different formulations can be open to alterations in
terms of coefficients. The exponent seen in the general formulation, Eq. 5.2, can also be
altered to a value up to 0.108, as seen in the formulation presented by Biot in Prendergast
and Gavin’s work [17]. The way that the dimensionless coefficient takes place on Egs.
5.4 and 5.5 can also be altered. In the case of Eq. 5.4, the bearing capacity can be divided
by either the full or the half pile perimeter. In the case of Eq. 5.5, the value that multiplies
the aspect ratio can also be altered. These alterations weren’t explored at its full potential,
1.e., no optimization study regarding these coefficients was performed.

Different formulations can quantify the soil bearing capacity as presented in several
literature. Although the bearing capacities given by the standards are used by default, the
choice of this formulation should rely on what is expected to best represent the soil. A
study was performed with formulations from Refs. [7], [48], [85], [93], and [112]. As
from the standard sand is usually overestimated in terms of stiffness, the bearing capac-
ity used throughout the different proposals was the one defined by the Standard, since
alternatives gave a higher sand bearing capacity, increasing further its stiffness. By the
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contrary, clays are usually underestimated in terms of stiffness. As such, a different for-
mulation from the standard was considered. This formulation, as proposed by Yu and
presented in Zhang and Andersen’s work [7], is presented in Table 3.3.

Besides altering the soil stiffness formulation, different effects can also be added.
This can be seen as the case relating the gap formation related stiffness. A certain stiff-
ness is related to this phenomenon, since a resistance has to be overcome in order for
separation between soil and pile to occur. This contribution can then be added to the al-
ready calculated soil stiffness. Boulanger [95] developed a non-linear model to represent
this phenomenon in sand and clay with a common set of parameters. Fig. 5.4 presents
the suggested model by Boulanger [95], where the gap formation component (parallel
springs of closure and drag phenomena) is in series with the elastic and plastic compo-
nents. However, it is expected that the gap develops on one side of the pile, while the
other is compressed, which means that one side is connected to the gap formation com-
ponent, while the other is connected to the elastic-plastic component. Consequently, on
the current work, it’s the author’s opinion that these springs should not be in series but in
parallel with the elastic-plastic springs. As no plasticity is considered in the present work,
a simple summation of stiffness results on the expected equivalent soil stiffness [25, 95,
138].

—— Drag
Plastic Elastic
o AW
]

Closure

Fig. 5.4. Boulanger’s proposed soil model [95].

Egs. 5.11 to 5.14 present the relevant initial stiffness desired for use in the final pro-
posal. Egs. 5.11 and 5.13 present the p-y curve formulated by Boulanger [95] for the
drag and closure components of the gap formation, respectively. By considering that
yg = pg =0 and yar ==Yy = 1%, and using the estimation by Wilson in the work of
Boulanger [95] of C; = 0.3, it’s possible to use the following derived equations presented
in Egs. 5.12 and 5.14.

d d Ve
P = Capu— (Cap— 1) —— 5.11)
u u 0 Ve _|_2’yg —y§|
;o _ dp? 2Cupu
drag — ﬁ = (5.12)
Y lys=0 Ye
Ye Ye
p¢=1.38p, — (5.13)
Ye+350 (yg —»8)  ye—50 (ya'—yg)]
dp‘ 80py,
/
= — — (5.14)
closure dve =0 Ve
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However, using the standard derived formulation, an overestimation is expected to
occur in sands, so the adding of this effect would only worsen this fact. At the same
time, clay is expected to be underestimated. Observing the p-y curves from the Boulanger
model as it was, little to no influence was seen in sands, but some differences were already
observed in clays. Fig. 5.5 presents the reported differences. Since missing information
exists regarding the critical displacement y. for sands and using the little apparent influ-
ence on them of gap formation, the proposed added stiffness is only applied to clay soil
layers. The fact that sand is a cohesionless soil also supports this assumption, as this soil
more easily fills the void when a gap formation occurs. The added stiffness is then given
by Eq. 5.15, with the final proposal being given by Eq. 5.16, where any stiffness proposal
seen before can be considered.

1 .25 T I T I T I T I L}
This study - sand
1.00 bF—— API sand —
. 075 = -
Qf ------- Matlock (1970) soft clay
S .
0.50 This study - soft clay

0.25

Y50

Fig. 5.5. Boulanger model influence on soil reaction curves [95].

2
kgap = TCR—ext ( i‘losure +k£irag> (5.15)

kg = kP7OPOSA 4 ko, (5.16)

The Standard API p-y curves will be used for reference. Although it is a method that
has been proved to develop some error when applied to OWTs cases, it still is the com-
mon formulation used when recurring to natural frequencies estimation and pile response
in this industry. Following what was already presented in Chapter 3, the relevant stiff-
ness can be defined as seen in Eq. 3.12. However, different approaches can be taken
when defining the necessary parameters for the standard p-y curves by applying literature
suggested expressions. Still, the majority of the majority of quantities will be defined by
resorting to the common applied in the Standard. Refs. [48], [76], [85], and [112] were
consulted for this matter. The PISA design model was not considered, as the estimation
for the relative density seen in Eq. A.7 on Appendix A leads to values outside the scope
of applicability of the presented expressions in Chapter 3.

Another reference that will be considered throughout testing will be the modified
Vesic expression. This expression consists on the Vesic expression seen in Eq. 5.1, but
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with a coefficient equal to 1.0, instead of 0.65. A note should be performed that some
differences are expected to occur, as the inputted data comes from a table with soil layer
properties and not a continuous data acquisition of properties as seen in the various works
of Prendergast et al. (Refs. [17], [68], and [89]). This can introduce relevant differences
on the natural frequencies acquired.

5.1.1 Proposals discussion

As different factors were considered, a proper discussion on representativity should be
performed. The representativity can be analysed through the soil stiffness evolution and
what is commonly seen in literature. Attention should although be provided to the fact
that there isn’t a guide on how the soil stiffness profile should evolve with depth.

Proposals 1, 2, and 4 all have the same evolution shape. For sands a continuous
increase with depth exists, while for clays a decrease can occur for a given layer due to
the opposite evolution of the over-consolidation ratio with depth. This difference on soil
type is the result of a different degree of evolution between the bearing capacity and the
over-consolidation ratio. A constant amplification of the stiffness occurs from Proposal
1 to Proposal 2 and, finally, to Proposal 4. A steeper decrease with depth due to the
over-consolidation ratio can be seen in Proposal 4.

Nevertheless, if Proposal 5 is considered with the Proposal 4 stiffness, then these
effects are reverted, i.e., on clay layers, an increase of stiffness occurs with depth, like on
sand layers. Still, a considerable step can exist in terms of stiffness level as different soil
type layers are considered. This results from the unconsideration of the gap formation
resistance on sand layers.

Regarding Proposal 3, a clear stiffness increase occurs with depth throughout the dif-
ferent layers. The consideration of the over-consolidation correction can lead to a slightly
decreasing, almost constant, stiffness on clay layers. This means that the logic defying
problem of an decreasing stiffness with depth doesn’t exist here. The consideration of
this proposal with Proposal 5 leads, again, to an increasing stiffness with depth through
all the soil layers. Once more, considerable steps can be observed when changing between
different soil type layers.

It is important to note that the available data can also influence how the stiffness
profile is shaped. On the present work, constant properties were made available for each
soil layer. In reality, these properties will vary with depth, even in the same soil layer. This
means that different soil measuring/testing methods can lead to the acquisition of different
data with different levels of accuracy, which, in turn, influence the stiffness profile with
depth.

Comparing all proposals, except the last one (as it increases the clay layer stiffness
only), for clays, similar stiffness are obtained. Meanwhile, for sands, a considerable
higher stiffness is obtained for Proposal 3 compared with the rest, specially for high
depths. This will be related to what was seen previously on Chapter 3, where an over-
estimation of the sand initial stiffness tends to occur for the calculated sand initial stiff-
ness from the API/DNV Standard. One should also take into account that the API/DNV
Standard base proposal (Proposal 3) will estimate a higher stiffness for sand layers even
though significant discrepancies exist in terms of the Young’s modulus. If indeed the soil
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shear modulus plays a vital role on the soil stiffness, the base formulation for soil stiffness
calculation shouldn’t provide a higher stiffness to a soil layer that has a smaller modulus
that adjacent soil layers. This, however, occurs with Proposal 3, while Proposals 1, 2, and
4 already account explicitly for this moduli difference.

Nevertheless, according to Wang et al. [48], the initial stiffness of sand will be in-
fluenced by its angle of internal friction and/or by its relative density. Although the soil
shear and Young moduli can be linked to these properties, a more correct approach for
sands should be the direct interpolation of its stiffness using the angle of internal friction.
For this reason, Proposal 3 can be more accurate on this soil type stiffness estimation. If
this is indeed the case, then a significant different approach on clay stiffness estimation
should be provided, as the correctly used estimation will vastly underestimate clay layers
stiffness.

An existing incongruence that can be seen in the influencing factors resides on the
bearing capacity factor. As pore pressure increases, the vertical effective stress decreases.
This is reported to decrease the stiffness, but, as the factor as formulated, an increase will
be seen. Nevertheless, it is expected that the bearing capacity of the soil to also decrease
with the increase of pore pressure, which can compensate the decrease in the vertical
effective shear stress. The magnitude of the relative influence between these two values
with the pore pressure and liquefaction of the soil is unknown, but it was admitted that
no increase in stiffness would occur with these phenomena. This can also mean that a
factor relating the liquefaction of the soil may be missing to fully define the soil bearing
capacity influence factor. Overall, more thought and validation should be given to the
pressure influence on soil stiffness with depth.

5.1.2 Out of scope influences

A lot of relevant factors were not included in the models developed and used due to their
complicated origins and formulations or undefined formulation. An example of a com-
plicated influence formulation relies in the cyclic loading impact on the soil behaviour,
as, depending on the soil, degradation or further consolidation can occur (although degra-
dation is a more common and conservative approach on the matter). An example of
undefined formulation is the effect of installation.

Cyclic loading can either increase or decrease the natural frequencies of the structure.
The type of occurrence regarding this type of soil fatigue origin, is usually linked to a
degradation of soil, with gap formation and loss in soil strength reducing the natural fre-
quencies. However, for some types of soil, consolidation can occur as a consequence of
cyclic excitations. This consolidation will then increase the soil stiffness and strength,
rising the structure natural frequencies. Further understanding of these phenomena and
correct prediction of what type of situation will occur are fundamental to model this in-
fluence source.

The time varying behaviour of the soil results from its all-time changing properties.
Cyclic loading, as already stated, can harden or soften the soil. A more complex soil
modelling approach should then be considered when admitting cyclic loads. An excel-
lent example is modelling ratcheting effects as seen in various works. The adoption of
a kinematic hardening soil model was not adopted in the present work, but, with the in-
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troduction of time-dependent loads and varying soil properties, such a model should be
employed, as stated by Malekjafarian et al. [23].

Fan et al. in their work (Refs. [9], [22], and [46]) found that impact driving, the most
common installation method of monopiles in the offshore wind industry, does signifi-
cantly influence the initial stiffness of the soil. Although a predicted gain in soil stiffness
between 40 % and 55 % is expected when considering sands, no formulation was devel-
oped and all the studies used experimental or numerical analyses (from elaborated FEM)
data. This means that no application can be derived for the current study regarding this
effect. The consideration of this influence is expected to rise the natural frequencies of
the OWT.

An important influence on the natural frequencies is the scour phenomenon. However,
this phenomenon was not considered in developed model or soil stiffness influence, as no
information regarding scour was made available. Consequently, assuming values would
lead to an extensive study on how scour changes the natural frequencies, as the more
correct approach would be to estimate using the service life time up to the moment of
analyse, which may need information that is not available. As stated in Chapter 3, scour
will not only change the overall embedded length of the pile, but will also change the
properties of the upper soil layers. This quantification is also difficult to perform without
pre-scour data and after-scour data.

The soil anisotropy is another factor that is hard to account for. A given test to measure
the soil properties can provide the stiffness and strength of the soil in one direction, but
when the structure excites the soil in a different direction, distinct resistance can be found.
This phenomenon is hard to properly quantify, as the soil can significantly vary from
location to location and different factors are responsible for the anisotropic behaviour of
the soil. The simplification of soil layers as horizontal can also be an influencing factor
on the soil resistance and stiffness.

5.2. Full-scale testing

The experimental testing was conducted in four OWTs (WTGO07, WTG22, WTG33, and
WTG37) at Norther wind farm, Belgium (see Fig. 5.1), and included the measurement of
the following signals (with acquisition frequency of at least 10 Hz):

» Tower top accelerations, for both fore-aft and side-side directions [m/s2];
* Wind speed [m/s];

» Relative wind direction [deg];

* Generator and rotor speeds [rpm];

* Grid power output [kKW].

The aforementioned sensors are by default embedded in each wind turbine generator
unit during its manufacturing process. To estimate the frequency of the tower’s first fore-
aft mode, the turbines were tested according to the following two operational approaches:
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1. Shutdown / short pause in production: a pause in energy production was carried
out by rapidly increasing the blades’ pitch angles up to about 90 degrees (close
to feathered position) and, due to the consequent fast decrease in the aerodynamic
loads (loss in torque and thrust), stopping the rotor from spinning and, thus, the
power generation. This sudden modification in the aerodynamic thrust level serves
as a means for exciting the tower fore-aft vibration modes (aligned with the upwind
direction). A qualitative illustration of this procedure is depicted in Figs. 5.6 and
5.7;

2. Normal production: under stabilized wind conditions (low standard deviation in
speed and relative direction of the wind) the signal-to-noise ratio can be greatly
increased, allowing acquisition of data in terms of tower acceleration, which is
desirable for the estimation of modes frequency.

Although the first of the listed procedures consists of producing a dynamic response
typical of a decay test (thus allowing for the identification of both frequency and damp-
ing), the meteorological conditions in which the tests were performed (low wind speeds)
were not the ideal for obtaining a signal-to-noise ratio high enough for accurate damping
estimation. Nevertheless, for frequency estimation purposes it is enough to select signal
windows with relatively stable generator rotation speed and pitch angles of the blades
(see averages and standard deviations for the signals in Figs. 5.7a and 5.7b), since both
experimentally and numerically calculated damping levels are very low. Moreover, the
shutdown / short pause procedure is also valuable for differentiating the fore-aft from
the frequencies of the side-side modes (since the vibration amplitudes of the former are
usually more than twice as high as those from the latter).

The second procedure consisted of the data acquisition from the turbines in normal
operation (power production). For that purpose, a Fast Fourier Transform was performed
in the signals acquired in stabilized wind conditions and the obtained tower fore-aft fre-
quencies were averaged. For all tested turbines, the resulting frequencies were almost a
perfect match with the ones obtained from the first procedure [139].

5.3. Results

This section intends to present the results regarding the three previous main proposals
and the added influence of gap formation in clays. These results will be compared with
experimental natural frequencies. The reference fundamental natural frequency using
the simple API Standard, without any correction factor will also be considered. Due to
confidentiality, all presented results will be represented by relative errors concerning the
measured fundamental natural frequency.

A benchmark model from Vestas was also used to have a reference point for the ob-
tained results through the developed model. This benchmark model consists of an aeroe-
lastic model based on the FLEXS5 code. A modal-based approach is then used, i.e., the
wind turbine modal shapes are obtained from the individual mode shapes of each com-
ponent. Aerodynamics and aeroelastic codes are used for the determination of the wind
turbine’s response in the time domain or even in the frequency domain. These can also
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Fig. 5.6. Qualitative illustration of the main signals utilized in the modal characterization of the tested wind turbines. The response windows
corresponding to the two shutdown procedures are enclosed by red rectangles 1 and 2 (dashed lines); details are shown in Figs. 5.7a and 5.7b,

respectively.
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(a) Detail from the first shutdown window depicted in the signal from Fig. 5.6. It is worth mentioning
the averages in rotor speed (lowest possible) and pitch angle (90 deg), as well as the associated low

standard deviations for both variables.
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(b) Detail from the second shutdown window depicted in the signal from Fig. 5.6. It is worth mentioning
the averages in rotor speed (lowest possible) and pitch angle (90 deg), as well as the associated low

standard deviations for both variables.

Fig. 5.7. Response windows corresponding to the two shutdown procedures.
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then model the physics around the interaction of the wind turbine with the surrounding
turbulent wind field [140].

From here on in, data related to the Fore-Aft movement of the OWT will be presented.
As a first point of reference, the natural frequencies from benchmark model and the de-
veloped model using the Standard approach were calculated. These results in relation to
the measured first mode natural frequency of the OWT are presented in Table 5.2.

Table 5.2. Errors to the measured Fore-Aft frequency of each OWT.

Source WTG07 WTG22 WTG33 WTG37
Benchmark model -12.41% -11.12% -4.76%  -7.26%
Modified Vesic -2998% -16.51% -14.96% -18.43%
API Standard -12.16% -7.40% -2.32% -9.17%
Proposal 1 -12.24%  -334% -7.17%  -6.23%
Proposal 2 -10.77%  -3.09%  -5.48%  -5.08%
Proposal 3 -7.45%  -084% -071% -3.43%
Proposal 4 958% -213% -423% -3.78%
Proposal 5 kfmp's -4.83% 2.09% 0.27% -0.22%
Proposal 5 kfmp'4 -5.36% 1.96% -0.85% -0.27%

Three references are then denoted: the frequency from a benchmark model at Vestas
without accounting for rotor motion, the calculated frequencies using the API Standard
and the modified Vesic stiffness approach through the developed model. The benchmark
model frequency represents the status-quo of the currently used approach on the SSI con-
siderations of the OWT design process. The developed model calculated frequency using
the small-strain stiffness of API Standard p-y curves allows a direct comparison with the
status-quo of the current design estimation for the natural frequencies. It also allows to
draw some conclusions regarding the developed model’s applicability. As it can be seen
in Table 5.2, a close correspondence between the benchmark model and the developed
model considering the API Standard exists. Differences that may exist are both due to the
considered clay stiffness estimation and the overall approach to the soil model. Finally,
the developed model calculated frequency considering the Modified Vesic proposition of
soil stiffness permits a direct comparison with a slender and infinite beam approach on
what is considered a rigid beam behaviour case.

Consulting Table 5.2, it is clear that the modified Vesic approach to the problem leads
to a vast underestimation of the natural frequencies of the OWT. This is due to, as it
was previously stated, the nature of the formulation considering the slender behaviour
of the embedded structure. Consequently, the modified Vesic formulation leads to an
overall smaller soil stiffness magnitude. This formulation led always to the smaller cal-
culated/predicted natural frequencies. It can then be considered as a lower bound for the
natural frequencies estimation, while the clamped tower consideration can be seen as an
upper bound.

Studying all the proposals through Table 5.2, Proposal 5 is deemed as the best pro-
posal. Proposals 1 and 2 presented similar results to the API Standard in some situations.
This means that the implementation of these proposals wouldn’t lead to any relevant ad-
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vantage that the already well-studied Standard curves. However, Proposal 4, which has
a similar approach to these proposals, presented better results, although significant errors
could still be seen for the soil without clay governing properties. Proposal 3 presented
very good results for cases WTG22 and WTG33. These predominately clayey locations
also presented a distinct separation between sand and clay layers. For the cases where
this distinct separation did not occur, an error has built up, with an important emphasis
on the non-predominately clayey soil (WTGO07). By assuming the added resistance due to
gap formation, Proposal 5, natural frequency estimations within a 5% bandwidth error
were obtained for all the OWT locations. The consideration of this gap formation added
resistance led to better results in all locations, except for the WTG22 case, where a slight
overestimation when compared to Proposal 3, occurred.

Fig. 5.8 presents the results as errors concerning the measured first mode Fore-Aft
natural frequency of each OWT. A grey bandwidth is also represented in the graph to
denote a £5% error bandwidth. In this figure, the best proposal from those previously
mentioned is represented. Two alternatives to this proposal are considered, one using
Proposal 3 and another using Proposal 4 as the base formulation for it.

OWT fundamental frequency error

Error / %

-20

« Benchmark model

v Modified Vesic
API Standard

o Proposal 5 (k2or3)

Proposal 5 (k2rr4)

=25

-30 - ¥

WTGO07 WTG22 WTG33 WTG37
OWT ID

Fig. 5.8. Errors to the measured Fore-Aft frequency of each OWT.

From what can be seen, only Proposal 5 with Proposal 3 as a base is within the
5% bandwidth for all OWT locations admitted. The highest error was observed for the
WTGO07 OWT, where mixed soil was present, i.e., no soil type is predominate in that lo-
cation. The remaining cases are locations predominately governed by clayey soils, where
the best proposal, independently of its base, managed to be within a 2% bandwidth. A re-
sult from the developed model inside this bandwidth can then be corrected through the use
of a more accurate model that accounts for different element dynamics, as the developed
model can have numerical-related errors.

Fig. 5.9 presents the general tendency followed by the calculated fundamental natural
frequency versus the experimental frequencies. The displayed frequencies are normalised
by using the average of the experimental natural frequencies of all tested OWTs. As it
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can be observed, the model is capable to follow the same tendency registered from the
full-scale testing, with the exception of the WTGO07 OWT. Once again, it is important to
remember that this is the OWT that is not embedded on a predominately clayey soil.

105 1st FA mode natural frequency tendency
B T T T

— Experimental

i il 5 (kProp3
—Proposal 5 (kx )

1.04 -

normalised

f

]
WTGO07 WTG22 WTG33 WTG37
OWT ID

Fig. 5.9. Estimated fundamental frequency tendency versus the experimental fundamental
frequency tendency.

Considering Proposal 5, different natural frequency error changes were seen from the
base formulation assumed (Proposals 3 and 4). As Proposal 5 only augments the clay
stiffness estimation when compared with Proposal 3, relevant differences were observed
for the cases where clay was present predominately present in surface layers. For cases
where clay was situated in deeper regions, the changes were not so abrupt. This comes
then to confirm that the shallower soil layers contribute more to the estimated natural
frequencies of the structure than those in deeper regions.

It should be noted that pile installation, an effect that wasn’t considered in the present
soil modelling, has, more or less, the same influence on sands that the proposed aspect
ratio influence factor. Table 5.3 presents the errors to the measured natural frequencies,
if a 40% increase in sand stiffness is considered (as it is the minimum increase presented
in the work of Fan et al. [46]) while using Proposal 5. It can be seen that the influence
is not that significant in terms of natural frequencies increase. However, pile installation
can also increase other soil properties, increasing its effective influence on the natural
frequencies and stiffness estimation.

Source WTGO07 WTG22 WTG33 WTG37
Proposal 5 (k2P 483% 2.09%  027% -0.22%

Proposal 5 ( k{"F 3) and PL effects | -4.79%  2.09%  0.71% -0.22%

Table 5.3. Comparison between considering a 40% increase in sand stiffness due to Pile
Installation (P.I.) and not considering.
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5.4. Final Remarks

Different proposals for the soil stiffness consideration were presented. The consideration
of different base formulations as well as different influence factors was discussed. A ten-
tative to introduce a direct relation between the bending of the monopile and the reaction
of the soil was also performed. This tentative is important as the SSI should be accounted
for in the soil stiffness calculation. Only the deemed best and fully developed proposals
were presented and used for results comparison.

Throughout the formulation studies, it was noted that the main influence on funda-
mental natural frequency came from the top soil layers. As different stiffness profiles
were obtained, significant differences were observed to occur with ease at the deep soil
layers, but that itself did not increase in a relevant way the natural frequencies. It was
when the shallower soil layers changed in stiffness that the more noted alterations in the
natural frequencies happened.

Although a set of factors were included to account for important factors that change
the soil stiffness profile, different influences regarding the soil were not considered in the
modelling of the presented problem. Reasons such as complicated origins and unknown
formulations led to this decision. Some limitations on the data available had also some
weight on the decision. Uncertainties would be introduced if considerations were made
regarding these topics, as well as considering specific situations that would only be vi-
able for the studied cases. The disregarded factors could increase or decrease the natural
frequencies acquired.

It can then be said that the best-proposed formulation is viable to use in predomi-
nately clayey soils, where, in these conditions, an error of around 2% is expected. For
soils that have considerable soil type variations, a slightly bigger error can be expected.
This may be related to the effects of adjacent soil layer interactions. The model wasn’t
tested for conditions where predominately sandy soil existed. However, by using the API
Standard as the base of the best-formulated proposal, a decent estimation is expected in
those conditions. Nonetheless, further work should be performed to validate and correct
the proposed formulation.
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Chapter 6

Conclusion

6.1. Conclusions

Offshore wind turbines are complex structures. Although similar to their counterpart
onshore wind turbines, the introduction of a bigger and complex sub-structure, as well
as being installed in an offshore environment, leads to further considerations on the soil
behaviour. The overall SSI of the system plays a bigger role in the modal properties on
OWT, where a monopile foundation is usually selected. The demand for more energy
leads to the necessity of installing bigger wind turbines, which, consequently, need bigger
foundations, increasing the area of interaction between the soil and the structure.

An increase in OWT foundation can lead to a more rigid behaviour of the structure.
With current Standards being formulated for slender foundations coming from the oil
and gas industry, a significant error is seen in terms of modal properties, mainly in the
fundamental natural frequency of the OWT. As there is a dependency of the soil stiffness
with strain and variation of soil properties with soil-related phenomena, such as scour and
other environmental occurrences, the quantification of the soil stiffness throughout time
will change. This is significantly important for short piles that behave rigidly. The soil
stiffness calculation should, then, focus on these points to ensure that the modal properties
of the system are correctly predicted.

As common soil stiffness formulations fail to account for this variety of phenomena,
several investigators have broached the topic to find correction factors and different for-
mulations to get closure to the actual stiffness of a given soil stratum. However, there
is not a lot of consensus on the literature or proper exposition of conclusions. Instead
of an exhausting study on soil stiffness formulation, the utilization of finite elements for
the prediction of the structure response is getting more common, as complex constitutive
soil laws can be employed. Yet, finite element analyses are very computational expensive
procedures. For this reason, a simple approach as the one based on the Winkler approach
(beam on a Winkler spring foundation) is commonly used and is the support for the API
and DNV Standards. Different approaches to soil foundation can though be considered.

The current work presented a set of simple formulations to correct the common ex-
pressions used based on the Winkler approach. The Winkler approach was selected as
the most common approach on the subject. A simple model of one element composed
of a p-version finite Timoshenko element was developed to easily conclude the soil stiff-
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ness formulations. The formulations were developed considering a small-strain condition.
The utilization of a simple model allowed a fast and computationally efficient process
to conclude on the assumptions performed. A validation process followed by a correc-
tion/calibration procedure was elaborated considering analytical solutions from the Euler-
Bernoulli theory and a well-validated benchmark model.

The developed model presented a convergence to the fourth decimal number with a
shape function degree of 12. However, as the convergence study was performed on a con-
stant section beam, a slighter slower convergence is expected. Consequently, a degree of
20 for the shape functions would guarantee the desired convergence for a more complex
structure. Due to the utilization of a single element, numerical issues may appear due
to a high shape function degree, which led to the decision to maximise the shape func-
tion degree to 18, which is a good balance between result accuracy and numerical issues
minimisation.

Regarding the modal properties study, an emphasis was performed on the first mode
natural frequencies. As the first natural modes are the ones responsible for the majority of
soil reaction, i.e., the first natural modes dominate the structure’s response, they tend to be
the main focus during modal properties analyses. After performing a sensitivity study on
the influence of the different damping sources on the natural frequencies and observing
a meaningless influence, the comparison between the estimated natural frequencies from
the benchmark and developed models and the experimental natural frequencies was per-
formed considering an undamped situation. Five main proposals were presented. From
these, two proposals, Proposals 3 and 5 allowed always a smaller error than what was
acquired using the benchmark model and the API Standard on the developed model. Pro-
posal 5 allowed a constant error smaller than 5% for all the studied cases, meeting the
initial work goals. Significant differences were then verified using the proposed formu-
lations, as the benchmark model and the API Standard in the developed model both had
errors on a 12.5% bandwidth. It was also observed the non-applicability of direct slender
approaches, such as the Modified Vesic formulation, on rigid-like behaved piles.

6.2. Future works

The present work considers a Winkler approach, as it is widely used in the industry and
throughout literature studies. Besides the pros and cons that it has when compared to
other approaches (like the super-element approach), other methods exist for foundation
modelling. Models such as the Pasternak model and the Hetenyi model are possibilities
to model a given soil that has not been investigated for this application. The consideration
of a different and more complete foundation model considering the soil as a spring foun-
dation and the explicit inclusion of the structure properties on that model may beneficially
influence the SSI modelling.

Similarly, a more complex and accurate model can be developed. Using p-version
shell finite elements for the structure modelling can increase the accuracy of the estimated
results, without the cost of the h-version FEM approach. The utilization of shell elements
is more than compatible with this type of problem.

It has to be noted that a good evaluation of the soil properties at a given instant in
time, as well as before and after installation of a wind turbine are necessary to have a good
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guide on what properties have changed and quantify the degree of influence of different
aspects that are assumed to alter the modal properties of an OWT. Without proper and
very detailed properties of the soil, analyses regarding the SSI effects are not possible.
Likewise, performing a given analysis with estimations of parameters leads to a high
degree of uncertainty, as well as the possibility of incurring significant errors from the
real situation.

The consideration of a time-independent SSI is sufficient for a first indication of the
fundamental natural frequency interval at a given moment after the OWT installation.
However, as time progresses, storms (cyclic high loads), cyclic movements, degradation
natured phenomena (scour), and other occurrences affect the modal properties found in
this same OWT. Consequently, a time-varying analysis should be performed to account
for all these effects, since they vary with time.

Likewise, the inherent non-linear behaviour of the soil modifies the expected soil stift-
ness with increasing strain. This means that different mechanisms will be in place for
considerable movements of the structure. The present work only considered a situation of
small strain, where these mechanisms do not influence. Although small-strain situations
are common, as storms and similar extreme loads occur, it is expected that the non-linear
and plastic behaviours of the soil to be very significant.

Nonetheless, other SSI influences that were not modelled can play an important part in
the structure’s modal properties. As so, besides trying to validate the proposed influencing
factors, a further study on how these different influences can be included in the model
should exist.

Due to the inherent developed model simplicity, a one-dimensional/plane case was
considered. The introduction of a second plane (and eventually torsion) allows the in-
troduction of existing misalignment concerning wind and wave loading, as well as the
yaw misalignment, and wind direction changes. These can also have an impact on the
estimated structure response.

As it is difficult to achieve a very precise prediction of the structure’s response even
with complex models, a statistical approach should be considered. In order to better
comprehend and predict the overall response of the structure, statistical notions can be
introduced for the analysis of this kind of problem.
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Appendix A

Relevant to the quantification of the soil radiation damping, the shear wave velocity of
the soil can be defined as seen in Eq. A.1 and presented by Gupta and Basu [40]. This
quantity can also be seen as very important to define the shear modulus profile of the soil,
as different soil analysis methods exist to measure the shear wave velocity of the soil with
depth. The presented relation then allows for the quantification of the shear modulus,
which is linked to the soil stiffness.

Vs=1]— (A.1)

The dimensionless frequency as presented in Eq. A.2 from Gupta and Basu work
[40], allows the calculation of the soil radiation damping. This quantity represents the
excitation frequency on a pile like structure embedded into the soil in a dimensionless

form.
o - Rext

ap =
Vs

The soil radiation damping can vary with depth, as there will be a difference between
shallower and deeper layers. According to Jiang and Lin [19], a shallower depth will be
limited to a depth equal to 2.5 times the respective pile diameter. Considering this, the Q
coefficient that governs the soil radiation damping coefficient can be given by Eq. A.3 as
according to Gazetas and Dobry [126] and to Badoni and Makris [63].

(A.2)

1.25
3.4 0.75
0= 2<1+n(1v3)) (]) 7 2<25d

4(5)*7 2>2.5d

(A.3)

According to Jia [33], the over-consolidation ratio for clays can be estimated as seen
in Eq. A.4. Other expressions exist throughout the literature, but the majority come from
experimental data or pressure relations regarding stress history. This expression was used
as values obtained using it cross-checked some of the consulted literature. For the sand,
a difference in the limit over-consolidation ratio was assumed. This relation is shown in
Eq. A.5. The value was arbitrary but selected considering that more than a third of the
limit value would occur. The overall meaning of the over-consolidation ratio is the ratio
between the pre-consolidation effective stress and the vertical effective stress, as seen in
Eq. A.6.

4 \ 125
OCR jay = (—7) (A.4)
v
2
OCR;ana = §OCRlimit (AS)
Gl
OCR= -2 (A.6)
GV
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For some soil modelling approaches, other properties besides the ones made available
by Vestas are necessary. An example of that is the relative density of sand layers. Re-
sorting to the expression presented by Prendergast et al. [89], it is possible to relate it to
known quantities, as seen in Eq. A.7.

1 qe
D, = 1 AT
291" (60- (04)0-7> A7)

As the drainage condition influences the stiffness encountered in the soil, it can be
important to predict it. As such, to reach a value of the drainage normalised time factor
seen in Eq. 3.7, it is necessary to quantify the coefficient of consolidation c,. This is
giving in Eq. A.8. The constrained modulus M, necessary for the determination of this
coefficient is presented in Eq. A.9 [74].

M.k,
Y
(1—vy)E;
(1+vy) (1 —2vy)

A Dirac function is widely utilised in mathematics. It represents the situation of a
step, where it 1s zero until a given value and, from that point on, it will be unitary. Eq.
A.10 represents this common function:

cp= (A.8)

M, = (A9)

0, x<x
S(x—x,) = {1 x>x” : (A.10)
’ p
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Appendix B

This Appendix intends to present the selected approach regarding wave shape characteri-
sation, important for the definition of the water viscous damping. For the following char-
acterisation three sources were consulted: The waves and the wind. Calculation of wave
characteristics [141], Introduction to Oceanography [142], and Introduction to Ocean
Waves [143].

Waves propagate in a sine-like style. However, they cannot be described as this func-
tion. For this reason different wave related quantities are defined to best capture the wave
propagation shape, such as wave number, wave length, phase velocity and wave period.
These quantities can be defined as shown in Egs. B.1 to B.3:

2r
Ay = k_; (B.1)
0
co =2 (B2)
(o
2
Tvave = E (B.3)

Using the dispersion law, it is possible to use a relationship between the frequency
of the waves ®,, and the wave number. By employing the linear wave theory for a free
surface, Eq. B.4 can be written. Depending on the relation of the water depth with the
wavelength, a possible simplification can be performed.

w2 = g -k, tanh (kyz,,) (B.4)

Waves can be considered to happen in deep water when the depth is more than half of
the wavelength. This means the relation and simplification seen in Eq. B.5. As such, the
wave frequency can be obtained according to Eq. B.6.

> % s tanh (kyz) ~ 1 (B.5)

0> =gk (B.6)

Waves can be assumed to occur in shallow waters if the depth is less than one-
twentieth of the wavelength. The corresponding relation and simplification can be seen in
Eq. B.7. The consequent wave frequency can be obtained by using Eq. B.8.

Ao
< — .
Iw > 20 (B 7)
02 =g -z, k> (B.8)

For the cases in between, the so-called transitional depths, there is no viable simpli-
fication. Consequently, a numerical approach should be performed to obtain the wave
frequency by using Eq. B.4. Different numerical/iteration methods exist to reach this
solution, from a simple fixed point iteration method to the Newton-Raphson method. The
bisection method was used in the present work.
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After defining the overall shape of the waves, it is possible to define the maximum
orbital velocity of the waves. This can be determined by using Eq. B.9, as presented in A
direct method of calculating bottom orbital velocity under waves [144]. The determina-
tion of this quantity can then be used for an estimation of the Keulegan-Carpenter number,
as defined by Eq. B.10, seen in the work of Bhinder and Murphy [145].

,h,
v, —=——2>% B.9
" 2sinh (kyzy) ®-9)
UmTwave
KC = (B.10)
A

Also important to the characterization of a fluid flow is the Stokes number. This
number defines a ratio between the response time of a particle and a characteristic time
scale of the fluid considered. The Stokes number can be defined by Eq. B.11, as retrieved
from Tao and Cai’s work [129]:

(ZRext)2 : waw

T (B.11)

BStokes =
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Appendix C

As non-perfect and simple approaches are considered in the model developed, correc-
tion factors are necessary to guarantee that the model will correctly predict the structure’s
response. Structural mass and stiffness matrices are then affected by these approaches.
A correction factor that conducts to little or no error concerning the real-life observed
response is desired. Different steps have to be performed to reach the desired error mini-
mization.

Depending on the overall structure modelling used, the system may require stiffness
and mass gain or stiffness and mass loss. It is recommended that only one dimension
of the structure varies differently from the real variation. For the studied problem, this
dimension was the thickness, where a linear variation was considered, leading to a heavier
and stiffer structure than in reality.

Before entering the stiffness correction, a mass correction should be performed to
ensure that the modelled structure has the same mass as the real structure. Egs. C.1 to C.4
show the process to define the mass correction factor, where m,. is the calculated mass and
m, is the real mass. Eq. C.3 states that calculating the mass with exact dimensions would
lead to the real mass. The mass correction factor can then be defined by Eq. C.4.

[
m=pV =pm [ (R2(x)~ R (x)) dv .

o [ (C.2)
=P | [2R et — 2] dE
ey | | Rt 1)
my = TMcorr | 2Reqt —t dé
o 41 1 ) (C.3)
my = 5 | [ZRex[[t[ — tt ] dg
2Ryt 1y — 17
Meorr = == 14 C4
orr /—1 2Rextt - tz 5 ( )

An analytical approach to the stiffness correction factor presents itself as a challenge.
Contrary to the mass, there is no unique expression that quantifies the stiffness of a struc-
ture as a scalar quantity. Instead, stiffness is characterised by a set of stiffness matrices.
Still, Egs. C.5 to C.8 present an initial approach to the quantification of a stiffness correc-
tion factor in a similar way to what was seen for the mass. By ignoring the shape functions
product (the reason why a matrix is then built), it is seen in Eq. C.5 that the stiffness will
be defined with an integral that is identical to the one in Eq. C.2. As such, for this stiff-
ness case, the stiffness correction factor should be equal to the mass correction factor, as
both are subjected to the same error. Looking through the structural stiffness equations
present in Chapter 4, only one stiffness matrix is defined by using a different integral.
This stiffness component is presented (without its shape functions) in Eq. C.6. This will
be the term subjected to a bigger error, as it has elements powered to four. Consequently,
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the stiffness correction factor for this component will be different from the rest.

Kuy = 226 [ [2R ot — 2] dE

(C.5)
= 277:1161\/[c0rr fj—ll [ZRext,tt - ttz] dg
+1 (Ex wIAG
kE= [ (5 IRt i)+ P50 R - L) ) o)
R‘e}xt - R?nt = (Rgxt - thnt) (Rgxt +Ri2nt) (C 7)
= 4R3 t —6R2 12 + 4R yt3 —1t* = 2RZ , (2R opt —12) — (2Reust — t2)2 '
Erx (1 2
Ki=—r [ 2R, (2Reut — 1) = (2Reut %) d& (C8)

As can be observed in Eq. C.8, although the expression seen in the integral of Eq.
C.4 that defines the mass correction factor, it’s multiplied or by itself or by a quantity that
depends on the coordinate. Focusing on the portion that has the bigger power concerning
the expression that is linked to the mass correction factor (which will be the squared
one), an approach can be made. This approach considers that the equivalent correction
factor will be linked to the highest power associated with the mass correction factor,
independently of the corresponding sign. As known, squaring the integral and squaring
the content of the integral and then performing the integral leads to different results. If the
expression, however, is substituted inside the integral, the mass correction factor will also
be squared. Only considering this would lead to some considerable error, as other factors
are presented to influence this stiffness. However, by admitting that the equivalent integral
will lead to, approximately a value of the cube of the previously highlighted expression,
then it can be reached that the stiffness correction factor would be equal to the cube of the
mass correction factor. This line of thought can be seen in Egs. C.9 to C.11.

U ="2Royt —1t* — 2R u—u* (C.9)
/ Wdu =18 = (2Rogt —12)° = M2, (2Reut; —12)° (C.10)
Keorr = M, (C.11)

After this assumption, using a benchmark model, testing was performed to conclude
the relative error acquired. Through these series of tests, a good correlation between
natural frequencies from the developed model and the well-validated model was observed.
Errors below 1% were registered, with a maximum error of 2% noted. As such, this
assumption is valid, although its demonstration can raise doubts.
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Appendix D

close all
format long

Yolnputs
inputquest=questdlg (’ Select one of the inputs available.’,”’
Structure Input’,’ Input Tower Only’, ’Input Whole Structure’,

"Input Test Beam’, ’Input Whole Structure’);
switch inputquest
case 'Input Tower Only’
InputSDOFTower
case 'Input Whole Structure’
InputSDOFOWT
case 'Input Test Beam’
InputAnTest
end
load shapefunctionsff.mat
omega=omega_exp;

9% Shape functions
opts.Interpreter="tex ;
p=inputdlg ({ 'Number of shape functions for the u_l displacement:
>, Number of shape functions for the u_3 displacement:’,’
Number of shape functions for the \theta rotation:’},’Number
of shape functions (for a free—free element)’,[1 80],{’6, 18
7,718}, 0opts);
p-ul=str2double (p{1});
p-u3=str2double (p{2});
p_tt=str2double (p{3});
if poul+p_u3+p_tt <=15 && bcb+bct>=1
p-ul=8;
p-u3=8;
p-tt=8;
msgbox (°The number of shape functions were changed to 8 to
ensure that the problem is solved.’,’Warning’)
end
FF_ul=FF;
FF_u3=FF;
FF _tt=FF;
dFF_ul=dFF;
dFF_u3=dFF;
dFF _tt=dFF;
FdF _u3tt=FdF;
FF_ul (p-ul(1,1)-1:length(f) -2,:)=[];
FF ul (:,p_ul(1,1)-1:length(f)-2)=[];
dFF_ul(p-ul(1,1)-1:1length(df) -2,:)=[];
dFF ul (:,p_.ul(1,1)-1:length(df)-2)=[];
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66
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73

FF u3(p_.u3(1,1)-1:length(f)-2,:)=[];

FF_ u3(:,p-u3(1,1)-1:1length(f)-2)=[];
dFF_ u3(p-u3(1,1)-1:length (df) -2,:)=[];
dFF u3 (:,p.u3(1,1)-1:length(df)-2)=[];
FF_tt(p_tt(1,1)—-1:length(f) -2,:)=[];
FF_tt(:,p_tt(1,1)-1:length(f)-2)=[];
dFF_tt(p_tt(l,1)-1:length(df) -2,:)=[];
dFF_tt(:,p_tt(1,1)—-1:length(df)-2)=[];
FdF_u3tt(p-u3(1,1)—-1:length(df) -2,:)=[];
FdF _u3tt(:,p_tt(1,1)-1:length(f)-2)=[];

9% Matrix assembly

dimMKC=p_ul+p_u3+p_tt;

G=@(xi) E(xi)./(2.%*(1+nu(xi))); %Pa — material shear modulus

lambda=@(xi) (6+12.%nu(xi)+6*nu(xi)."2)./(7+12.xnu(xi)+4.*nu(xi)
."2); % — shear correction factor

Yfunction handles
M_ul=zeros(p-ul ,p-ul); %
Structural mass ul direction
MIm_ul=zeros (p-ul ,p_ul); %o
Lumped mass (RNA) ul direction
Mg ul=zeros (p-ul ,p_ul); %
Marine growth mass ul direction
K_ul=zeros(p_-ul ,p_ul); %
Structural stiffness ul direction
for i=1:p_ul
for j=1:p_ul
9%Mass matrices
fM_ul=@(xi) rho.x(Rext(xi)."2-Rint(xi)."2).«FF_ul{i,j }(
Xi);
Mul(i,j)=0.5.«pi.*1.xintegral (fM_ul,-1,1);
Mim_ul (i,j)=mRNA.x«FF_ul{i,j}(1);
for m_addi=1:length (m_Tadd)
MIm_ul (i, j)=Mlm_ul (i,j)+m_Tadd(m_addi).*FF_ul{i,
j}(xi_Tadd (m_addi));
end
fMg ul=@(xi) zmg(xi).*rho_g.*((Rext(xi)+t_g)."2-
Rext(xi)."2).«FF_ul{i,j}(xi);
Mgul(i,j)=0.5%pixl*integral (fMgul,-1,1);
%Stiffness matrices
fK_ul=@(xi) E(xi).*(Rext(xi)."2—-Rint(xi)."2).xdFF_ul{i,j
F(xi);
Kul(i,j)=2.%pi.*xintegral (fK_ul,-1,1)./1;
end
end
M_u3=zeros (p-u3 ,p-u3); %Structural mass u3 direction
MIm_u3=zeros (p_-u3 ,p-u3); %Lumped mass (RNA) u3 direction
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Mwi_u3=zeros (p-u3 ,p_u3d); %Ilnner
Mwe_u3=zeros (p-u3 ,p-u3); %Outer
Mg u3=zeros(p-u3,p_-u3); %Marine
Msi_u3=zeros(p-u3,p_-u3); %lnner
Mse_u3=zeros (p-u3,p-u3); %Outer

water added mass u3 direction
water added mass u3 direction
growth mass u3 direction

soil added mass u3 direction
soil added mass u3 direction

K_u3=zeros(p-u3,p-u3); %Structural stiffness u3 direction
K_s=zeros(p-u3,p-u3); %Soil stiffness u3 direction

Cw_vis=zeros(p_-u3 ,p_u3); %Water
Cw_rad=zeros (p-u3 ,p-u3); %Water
Cs_rad=zeros(p_-u3d ,p_u3d); %Soil
Cs_hys=zeros(p-u3 ,p-u3d); %Soil

viscous damping u3 direction
radiation damping u3 direction

radiation damping u3 direction
hysteresis damping u3 direction

Ca=zeros (p-u3,p-u3); %Aerodynamic damping u3 direction

for i=1:p-u3
for j=1:p_u3

9%Mass matrices
fM_u3=@(xi) rho.x(Rext(xi)."2—-Rint(xi)."2).xFF u3{i,j}(
Xi);
Mu3(i,j)=0.5.%«pi.*xl.xintegral (fM_u3,-1,1);
MIm_u3(i,j)=mRNA.«FF_u3{i,j}(1);
for m_addi=1:length (m_Tadd)
MIm_u3(i,j)=MIm_u3(i,j)+m_Tadd(m_addi).=FF_u3{i,
j}(xi_-Tadd (m_addi));
end
fMwi_u3=@(xi) zmw(xi).*rho_w.x(Rint(xi). 2) .x
FF_u3{i,j}(xi);
Mwiu3(i,j)=0.5.%pi.*1l.xintegral (fMwi_u3,-1,1);
fMwe_u3=@(xi) zmw(xi).xrho_w.*x((CM-1).x((Rext(
xi)+t_g)."2)).«FF_u3{i,j}(xi);
Mwe u3(i,j)=0.5.%pi.xl.«integral (fMwe_u3,-1,1);
fMg u3=@(xi) zmg(xi).*rho_g.*((Rext(xi)+t_g)."2-
Rext(xi)."2).«FF_u3{i,j}(xi);
Mg u3(i,j)=0.5%xpixl«integral (fMg_u3,-1,1);
fMsi_u3=@(xi) zcs(xi).xfrho_s(xi).*(Rint(xi)."2)
#FF_u3{i,j}(xi);
Msi_u3(i,j)=0.5.%«pi.xl.*xintegral (fMsi_u3,-1,1);
fMse_u3=@(xi) zcs(xi).xfrho_s(xi).*(CM=1).x%(
Rext(xi)."2).«FF_u3{i,j}(xi);
Mse u3(i,j)=0.5.%pi.*1.xintegral (fMse_u3,-1,1);
%Stiffness matrices
fK_u3=@(xi) lambda(xi).*G(xi).*(Rext(xi)."2-Rint(xi)."2)
.«dFF_u3{i,j}(xi);
Kou3(i,j)=2.%pi.*xintegral (fK_u3,-1,1)./1;
fKs=@(xi) k_s(xi).«*FF_u3{i,j}(xi).«xRext(xi);
Ks(i,j)=0.25.«pi.x1.xintegral (fKs,—-1,1);
%Damping matrices
beta=@(xi) (zmg(xi).*(4.*(Rext(xi)+t_g)."2.%
rho_w.xomegawave) ./(2.% pi.*+muw))+((1—-zmg(xi)
).%(4.+%Rext(xi)."2.%rho_w.%omegawave) ./ (2. pi
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SEkmMuU_w) ) ;
wka=wk.*d_ml1/2;
fCw_vis=@(xi) zcw(xi).*(1/3).+muw.=*beta(xi).*xKC
.x2.x Rext(xi).«C.d.*FF_u3{i,j}(xi).*xRext(xi);
Cw_vis(i,j)=0.25.«pi.*1l.xintegral (fCw_vis,-1,1)
%2, /((1.TP1=1_M1).%pi.*d_ml);
dY1=0.5.%(bessely (0,wka)—-bessely (2,wka));
dJ1=0.5.%(besselj (0,wka)—besselj(2,wka));
helpfunccwrad=real ((exp(—sqrt(—-1).xatan(dY1/dJ1)))
2. % ((wka.xbesselh (1,wka))."(=-1)).72);
cw_rad=@(xi) 8.xrho_w.x(Rext(xi)). "3.*(sinh (wk.:(
I.TP1-1.M1)))."2.% helpfunccwrad .« omega_exp ./( wka
.x(sinh (2.+wk.* (1. TP1-1_.M1))+2.xwk.x(1.TP1-1_M1))
)
fCw_rad=@(xi) zcw(xi).xcw_rad(xi).*xFF_u3{i,j}(xi);
xi_cwrad=2.«(1_.M1+(1_.TP1-1_M1)/2) ./1-1;
Cw_rad(i,j)=fCw_rad(xi_cwrad);
a0=@(xi) (omega.xRext(xi))./(fV_s(xi));
fCs_rad=@(xi) zcs(xi).*Q(xi).xa0(xi).+(fgamma_s(xi)
J9.81) .%fV_s(xi).*2.%xRext(xi).*FF_u3{i,j}(xi).=
Rext(xi);
Cs_rad(i,j)=0.25.%pi.*1l.xintegral (fCs_rad,—-1,1)
L2 /(1M1 .%pi.«xd.ml);
fCs_hys=@(xi) zcs(xi).*(2.xzeta_s.*fG_s(xi))./(omega
1 M1).«FF_u3{i,j}(xi).xRext(xi);
Cs_hys(i,j)=0.25.%pi.*1.xintegral (fCs_hys,-1,1);
Re_ca=Vxxcbxrho_a/(mu_.a);
if Re_.ca<1074
msgbox ("The Reynolds number for a blade is
situated below the considered estimation for
the blade drag coefficient.’,’Warning’)
end
if strcmp(favsss , Fore—-Aft’)==1
ca=(rho_a.*3.%Vx.xcb.x C_dblade.*R) (1 -InpTWpar) ;
elseif strecmp(favsss,’ Side—Side )==1
ca=0;
end
Ca(i,j)=ca.«*FF_u3{i,j}(1);
end
end
M_tt=zeros(p-tt ,p-tt); %Structural inertia theta direction
MIm_tt=zeros (p-tt ,p_tt); %Lumped inertia theta direction
Mg _tt=zeros(p-tt ,p_tt); %Marine growth mass theta direction
Msi_tt=zeros(p-u3,p-u3d); %Ilnner soil added mass theta direction
Mse_tt=zeros (p-u3 ,p-u3); %Outer soil added mass theta direction
K_ttG=zeros(p-tt ,p_tt); %Structural stiffness (G) theta
direction
K_ttE=zeros (p_tt ,p_tt); %Structural stiffness (E) theta
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direction
for i=1:p_tt
for j=1:p_tt
9%Mass matrices
fM_tt=@(xi) rho.x(Rext(xi)."4—Rint(xi)."4).xFF_tt{i,]}(
Xi);
M_tt(i,j)=0.125.%pi.x1l.xintegral (fM_tt,—1,1);
MlIm_tt(i,j)=J RNA.«FF_tt{i,j}(1);
fMg_tt=@(xi) zmg(xi).xrho_g.*((Rext(xi)+t_g)."4—-Rext
(xi)."4) .« FF_tt{i,j}(xi);
Mg tt(i,j)=0.125«pixl+integral (fMg_tt,—-1,1);
fMsi_tt=@(xi) zcs(xi).*frho_s(xi).*x(Rint(xi)."4) .=
FF_tt{i,j}(xi);
Msi_tt(i,j)=0.125.%«pi.*1l.*xintegral (fMsi_tt,—-1,1);
fMse_tt=@(xi) zcs(xi).xfrho_s(xi).*x(CM-1).*x(Rext(xi
). 4) .« FF_tt{i,j}(xi);
Mse_tt(i,j)=0.125.%«pi.*1l.*xintegral (fMse_tt,—-1,1);
%Stiffness matrices
fK_ttG=@(xi) lambda(xi).*G(xi).*(Rext(xi)."2—Rint(xi)
2) .« FF_tt{i,j }(xi);
K_ttG(i,j)=0.5.%pi.x1.xintegral (fK_ttG,—-1,1);
fK_ttE=@(xi) E(xi).*(Rext(xi)."4—-Rint(xi)."4).«dFF_tt{i,
jr(xi);
K_ttE(i,j)=0.5.%pi.xintegral (fK_ttE,-1,1)./1;
end
end
K_u3tt=zeros(p-u3, p-_tt);
for i=1:p_u3
for j=1l:p_tt
fK_u3tt=@(xi) lambda(xi).*G(xi).*(Rext(xi)."2-Rint(xi)
2) .« FdF_u3tt{i,j}(xi);
K_u3tt(i,j)=pi.*integral (fK_u3tt,-1,1);
end
end
K_ttu3=transpose (K_u3tt);

M=zeros (dimMKC) ;

M(1l:p_.ul ,1:p_ul)=Mcorr.«*M_ul+Mg ul+Mlm_ul;

M(p_ul+1l:p_ul+p_u3,p_ul+l:p_ul+p_u3d)=Mcorr.*M_u3+Mwi_u3+
Mwe_u3+Mg_u3+MIm_u3+Msi_u3+Mse_u3;

M(p-ul+p_ud3+1l:p_ul+p_ud+p_tt ,p_ul+p_ud+l:p_ul+p_ud+p_tt)
=Mcorr.x M_tt+Mg_tt+Mlm_tt+Mse _tt+Msi_tt;

K=zeros (dimMKC) ;

K(l:p-ul ,1:p_ul)=Mcorr.*K_ul;

K(p-ul+1l:p_ul+p_u3,p_ul+l:p_ul+p_u3)=Mcorr.*K_u3+K_s;

K(p-ul+p_u3+1l:p_ul+p_u3+p_tt ,p_ul+p_ud+l:p_ul+p_ud+p_tt)
=Mcorr"3.% K_ttE+Mcorr.* K_ttG;

K(p-ul+1l:p_ul+p_u3 ,p_-ul+p_u3+1l:p_ul+p_u3+p_tt)=Mcorr.=*
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K_u3tt;
K(p-ul+p_-u3+1l:p_ul+p_u3+p._tt
K_ttu3;
C=zeros (dimMKC) ;
C(l:p.ul ,1:p_ul)=(eta./omega).*xMcorr.«K_ul;
C(p-ul+1l:p_ul+p_u3 ,p.ul+1l:p_ul+p_u3)=(eta./omega).*Mcorr
.+ K u3+Cw_vis+Cw_rad+Cs_rad+Cs_hys+Ca;
C(p-ul+p_u3+1l:p_ul+p_u3+p_tt ,p_ul+p_ud+1l:p_ul+p_u3+p_tt)
=(eta ./omega) .*(Mcorr"3.x K_ttE+Mcorr.x K_ttG) ;
C(p-ul+1l:p_ul+p_ud,p-ul+p_u3+l:p_ul+p_ud+p_tt)=_(eta./
omega) .+ Mcorr.x K_u3tt;
C(p-ul+p_u3+1l:p_ul+p_u3+p_tt
omega) .+ Mcorr.x K_ttu3;

,p-ul+1:p_ul+p_-u3)=Mcorr.=*

,p-ul+l:p_ul+p_u3)=(eta ./

9% Boundary conditions

% Boundary condition on the left of the element
rull=0;
rulr=0;
ru3l=0;
ru3r=0;
rttl =0;
rttr =0;
if bc(1,1)==1 %clamped condition
rull=1;
ru3l=
rttl =1;
M(1,:) =[1;
M(:, 1) =[1;
K(1,:)=[1;
K@, 1) =[1;
C(1,) =[]
CC:,1)=[1;

M((p-ul+1)-rull:(p-ul+2)-rull
M(:

M(:

o) =[1;

,(p.ul+l)—rull:(p.ul+2)-rull)=[];
K((p-ul+1)-rull:(p-ul+2)-rull
K(:

) =[1;

,(p.ul+l)—rull:(p.ul+2)-rull)=[];
C((p-ul+1)-rull:(p-ul+2)-rull
C(:

) =[1;

,(p.ul+1l)—rull:(p.ul+2)-rull)=[];
M((p-ul+p_u3+1)-rull-ru3l

) =11
,(pul+p_u3+1)-rull-ru3l)=[];

I;
K((p-ul+p_-u3+1)-rull-ru3l ,:) =[];
K(:,(p-ul+p_u3+1)-rull-ru3l)=[];
C((p-ul+p_ud+1)-rull-ru3l,:) =[];
C(:,(p-ul+p-u3+1)-rull-ru3l)=[];

’

’

elseif bc(1l,1)==2 %hinge condition

rull=1;
ru3l=1;
rttl =0;
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M(1,:)=[];
M(:, 1) =[];
K(L,:) =[1;
K, 1) =[1];
C(L,:)=[];
Ce:,1)=I[];
M((p-ul+1)-rull ,:) =[];
M(:,(p-ul+1)-rull)=[];

K((p-ul+1)-rull ,:) =[];
K(:,(p.ul+1)-rull)=[];
C((p-ul+1)-rull ,:) =[1;

C(:,(poul+1l)-rull)=I[];
elseif bc(1,1)==3 %ul roller condition
rull=0;
ru3dl=1;
rttl =0;
M(p-ul +1,:)=[];
M(:, p-ul+1)=[];
K(p-ul+1,:)=[];
K(:,poul+1)=[];
C(p-ul+1,:)=[1;
C(:,poul+l)=[I;
elseif bec(1,1)==4 %u3 roller condition
rull=1;
ru3l=0;
rttl =0;
M(1,:) =[1;
M(:, 1) =[1;
K(1,:)=[1;
K@, 1) =[1;
C(l,H) =l
CC:,1)=[l
end
% Boundary condition on the right of

if bc(end,2)==1 %clamped condition
rulr=1;
ru3dr=2;
rttr=1;
M(p-ul =1—=(rull+ru3l+rttl) ,:)=[];
M(:,p.ul =1—-(rull+ru3l+rttl))=[];
K(p.ul =1—=(rull+ru3l+rttl) ,:)=[];
K(:,p-ul=1-(rull+ru3dl+rttl))=[];
C(p.ul =1—(rull+ru3l+rttl) ,:)=[];
C(:,p-ul=1—-(rull+ru3l+rttl))=[];
M((p-ul+pu3 -1)-rulr —(rull+ru3l+
+rul3l+rttl) ,:)=[];

the element

+rttl):(p.ul+p_u3d)-rulr—(rull

M(: ,(p.ul+p_u3—=1)—rulr—(rull+ru3dl+rttl):(p_ul+p_u3d)-rulr—(

rull+ru3l+rttl))=[];
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276 K((p-ul+p_u3-1)-rulr —(rull+ru3l+rttl):(p.ul+p_u3d)-rulr—(rull
+rul3l+rttl) ,:)=[1];

7 K(:,(p.ul+pu3 -1)-rulr —(rull+ru3dl+rttl):(p.ul+p_u3d)-rulr —(
rull+ru3l+rttl))=[];

278 C((p-ul+p_u3—-1)-rulr —(rull+ru3l+rttl):(p_ul+p_u3)-rulr—(rull
+rul3l+rttl) ,:)=[];

279 C(:,(poul+pu3-1)-rulr —(rull+ru3dl+rttl):(p_ul+p_u3d)-rulr —(
rull+ru3l+rttl))=[];

280 M(end -1,:)=[];

281 M(:,end-1)=[];

282 K(end-1,:)=[];

283 K(:,end-1)=[];

284 C(end-1,:)=[];

285 C(:,end-1)=[];

s elseif bc(end,2)==2 %hinge condition

287 rulr=1;

288 rudr=1;

289 rttr =0;

290 M(p-ul =1—=(rull+ru3l+rttl) ,:)=[];

291 M(:,p-ul =1—(rull+ru3dl+rttl))=[];

202 K(p.ul =1—-(rull+ru3l+rttl) ,:)=[];

293 K(:,p-ul=1—-(rull+ru3dl+rttl))=[];

294 C(p.ul =1—(rull+ru3l+rttl) ,:)=[];

295 C(:,p-ul=1—-(rull+ru3l+rttl))=[];

296 M((p-ul+pu3 -1)-rulr —(rull+ru3dl+rttl) ,:)=[];

297 M(: ,(p-ul+p_u3 -1)-rulr —(rull+ru3l+rttl))=[];

298 K((pul+p_u3-1)-rulr —(rull+ru3l+rttl) ,:)=[];

299 K(:,(p.ul+pu3d -1)-rulr—(rull+ru3l+rttl))=[];

300 C((p-ul+p.u3—-1)-rulr —(rull+ru3l+rttl) ,:)=[1];

301 C(:,(poul+pu3-1)-rulr—(rull+ru3l+rttl))=[];

s elseif bc(end,2)==3 %ul roller condition

303 rulr=0;

304 ru3dr=1;

305 rttr =0;

306 M(p-ul+p_-u3-1—-(rull+ru3dl+rttl) ,:)=[];

307 M(:,p-ul+p_u3—-1—(rull+ru3l+rttl))=[];

308 K(p-ul+p_-u3-1—-(rull+rudl+rttl) ,:)=[];

309 K(:,p.ul+p_u3-1—(rull+ru3l+rttl))=[];

310 C(p.ul+p_u3—-I1—-(rull+ru3l+rttl) ,:)=[];

311 C(:,p.ul+pud3—-1—-(rull+ruldl+rttl))=[];

s elseif be(end,2)==4 %u3 roller condition

313 rulr=1;

314 ru3dr=0;

315 rttr =0;

316 M(p_ul =1—(rull+ru3l+rttl) ,:)=[];

317 M(:,p-ul =1—-(rull+ru3l+rttl))=[];

318 K(p.ul =1—-(rull+ru3l+rttl) ,:)=[];

319 K(:,p-ul=1-(rull+ru3l+rttl))=[];
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C(poul =1—(rull+ru3l+rttl) ,:)=[];
C(:,p-ul=1—-(rull+ru3l+rttl))=[];
end
rul=rulr+rull;
ru3=ru3r+ru3l;
rtt=rttr+rttl;

9% Eigen problem

A=[-inv M) *C,—inv M) %K;eye(size M, 1) ,size (C,2)), zeros(size(M,1)
,size (K,2)) 1;

% [eigV ,eigMv]=eigs (A,12,  smallestabs ’);

[eigV ,eigMv]=eig (A);

dMv=diag (eigMv) ;

trucnat=find (abs(real (dMv) ./ abs(dMv)) <=.99 & imag(dMv)>eps);

[natfreq ,indeig]=sortrows ([ (imag(dMv(trucnat)))./(2.%pi),—real(
dMv(trucnat)) ./(abs(dMv(trucnat)))]);

disp(natfreq(1:6,:))

9% Decay test
TESTde=questdlg ( 'Do you want to perform a decay test?’, Decay
test’,’Yes’,’No’,’No’);
switch TESTde
case “Yes’
TESTdetype=questdlg ('Do you want a step or impulse
excitation?’,’Type of decay test’, Step’,’ Impulse’,’
Impulse ”);
switch TESTdetype
case Step’
TESTdetype=1;
case 'Impulse’
TESTdetype=2;
end
opts. Interpreter="tex ’;
ns=inputdlg ({ "Newmark parameter \delta:’, Newmark
parameter \alpha’,’Newmark time step (\delta t) [s]:’
, ’Maximum simulation time [s]:’}, Newmark solution’
1 50],{°0.5°,70.257,70.01",°600"},opts);
Npdelta=str2double (ns{1});
Npalpha=str2double (ns{2});
deltat=str2double (ns{3});
timemax=str2double (ns{4});
if TESTdetype==
Nmtitle="Newmark method response to a step like
excitation

bl

else
Nmtitle="Newmark method response to an impulse like
excitation
end
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if bct>0
bc(2,end)=0;
msgbox (’The defined top boundary condition was not
free”. This was changed.’,’Warning’)

’

end
Nsize=timemax/deltat +1;
q0=zeros (dimMKC-rul —ru3 -rtt ,1) ;
yO=zeros (dimMKC-rul —ru3 -rtt ,1);
if TESTdetype==2
destart=30;
deimpulsetime =2;
deend=destart+deimpulsetime ;
F=zeros(length (q0),Nsize);
F(p_-ul+l-rul:p_ul+p_-u3 —(rul+ru3),destart/deltat+1:
deend/ deltat+1)=8%10"6;
else
ststart=10;
stend=timemax ;
F=zeros (length (q0),Nsize);
F(p-ul+l-rul:p_ul+p-u3 —(rul+ru3),ststart/deltat+1:
stend/deltat+1)=8%10"6;
end
fO=F(:,1);
x0=M\ (f0-Cxy0-Kxq0) ;
a0=1/(Npalpha.=«(deltat)."2);
al=Npdelta./( Npalpha.x deltat);
a2=1./(Npalpha.xdeltat);
a3=1./(2.% Npalpha) -1;
a4=Npdelta/Npalpha-1;
a5=0.5.xdeltat.=(Npdelta./Npalpha-2);
ab=deltat.+(1—-Npdelta);
a7=Npdelta.x deltat ;
Kef=K+a0.+M+al .xC;
x_i=zeros(length (q0) ,Nsize);
y_i=zeros (length(q0) ,Nsize);
qg-i=zeros(length(q0) ,Nsize);
x_1(:,1)=x0; %Acceleration at a given ith instant
y_i(:,1)=y0; %Velocity at a given ith instant
q-i(:,1)=q0; %Displacement at a given ith instant
for 1i=2:Nsize
Fef=F(:,1)fM=(a0.xq_i(:,i—-1)+a2.«xy_i(:,i—-1)+a3.%x_i
(:,i=1))+C=x(al .xq-i(:,i—-1)+ad.xy_i(:,i—1)+a5.%x_i
(:,i=-1));
q-i(:,i)=Kef\Fef;
x_i(:,i)=a0.%(q.i(:,i)—q-i(:,i-1))—a2.xy_i(:,i—-1)-a3
ex_1(r,1-1);
yi(:,i)=y_i(:,i-D+ab.xx_i(:,i-1)+a7.xx_i(:,1);
end
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fful=zeros(p-ul,1);
=1
for i=1:length (f)
if i<p.ul-1 || i>length(f)-2
fful (j,1)=f{i,1}(1);
=i+
end
end
if rulr==1
fful (end -1,:)=[];
end

ul=transpose (fful )xq_i(l:p_ul—-rul ,:);

ffud3=zeros(p-u3,1);
=1
for i=1:length(f)
if i<p_u3-1 || i>length(f)-2
ffud (j,1)=f{i,1}(1);

u3=transpose (ffud)xq_-i(p-ul =(rul+ru3l)+1l:p_ul+p_ud3 —(rul+

=i+l

end
end
if ruldr==

ffud(end-1,:)=[];

end

rud) ,:);
fftt=zeros(p_tt,1);
i=1

for i=1:length (f)
if i<p_-tt-1 || i>length(f)-2
ffee (j,1)=f{i,1}(1);
j=j+1;
end
end
if rttr==
fftt(end-1,:)=[];
end

tt=transpose (fftt)xq_i(p-ul+p_ud3+1l—(rul+ru3+rttl):end,:)

figure (1)

plot (0: deltat:timemax ,ul)
xlabel ("t / s’)

ylabel ("u_1"{pile top}(t) / m”)
title (Nmtitle)

figure (2)

plot (0: deltat:timemax ,u3)
xlabel ('t / s7)
ylabel ("u 3" {pile top}(t) / m”)
title (Nmtitle)
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end

figure (3)

plot (0: deltat:timemax, tt)

xlabel ("t / s7)

ylabel (’\theta"{ pile top}(t) / rad’)

title (Nmtitle)

163



	Table of Contents
	List of Figures
	List of Tables
	List of Abbreviations
	List of Symbols
	Introduction
	General introduction
	Objectives
	Thesis Layout

	Offshore Wind Turbines
	Structure
	Wind turbine
	Sub-structure and Foundation

	Design Considerations
	Offshore Wind turbine design
	Foundation design
	Modal properties effects

	Final Remarks

	Soil-Structure Interaction
	Soil basics
	Soil properties determination
	Soil influence on OWT performance
	Soil layers and failure mechanism
	Pile installation
	Cyclic loading
	Pore pressure
	Liquefaction and scour
	Gap formation
	Stiffness and damping overview

	Applicable SSI Models
	Rigid foundation approach
	Apparent fixity approach
	Super-element approach
	Winkler approach
	FEM approach

	Soil Modelling
	Shear modulus profile
	API Standard
	PISA design model
	Stiffness and damping effects
	Vertical soil modelling

	Final Remarks

	Model Development
	Vibrations Basics
	Model definition
	Beam theory
	Coordinates
	Shape functions

	Virtual Work Implementation
	Inertial forces virtual work
	Internal forces virtual work
	External forces virtual work
	Equations of motion

	Model Validation
	Tower validation with analytical transversal vibrating beam solutions
	Tower validation with developed analytical transversal vibrating beam solutions, considering a rigid body

	Model calibration
	Damping sources sensitivity
	Model Limitations
	Final remarks

	Experimental versus modelling results
	Soil modelling proposals
	Proposals discussion
	Out of scope influences

	Full-scale testing
	Results
	Final Remarks

	Conclusion
	Conclusions
	Future works

	References
	Appendixes
	Appendix A
	Appendix B
	Appendix C
	Appendix D


